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Chapter 1

Introduction

Adaptive impact absorption (AIA) is a modern control problem being solved
nowadays for several transportation and industry branches [1, 2, 3, 4, 5, 6]. The
objective of the impact absorption process is dissipation of impact energy with
simultaneous generation of the minimal deceleration on the protected structure.
However, in many applications the exploitative impacts, which the absorbers
are exposed to, exhibit a broad variety in the domain of their energies. The
passive devices that are currently in usage, do not offer a proper behaviour for
various impact conditions, what effects in needless overloading of the protected
structures. A possible solution for minimisation of the deceleration level is using
of adaptive shock absorbers that would enable adjusting theirs damping force
characteristics to the actually recognised impact energy.

An an example of application, which is exhibited during regular operation to
repetitive impact loadings, are aircrafts in touchdown. The problem of impact
energy in this case of application is uniquely difficult as landing gears must oper-
ate properly in a wide range of conditions that may occur during landing. Civil
aircraft may be endangered by a variety of weather conditions which may enforce
a hard landing. Situations when the vertical landing speed at the moment of
impact is higher than 1.5 m/s is undesirable and exceeding the sink speed level
of 3 m/s may cause serious increase of the relative fatigue of the aeroplane’s
structures. Application of adaptive landing gear (ALG) may improve the impact
absorption capabilities of the existing landing gears and, therefore, to reduce the
threat of damage of the fleet and to prolong the service life of the air vehicles.
The economical aspect plays here a significant role since the air transport rises
continuously its share in public transport during the recent years.

Except the foreseen benefits in civil aviation, the adaptive landing gears may
play a key role in the case of landing systems for helicopters in the coastguards
services. The air vehicles being used in the rescue actions usually must operate
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4 CHAPTER 1. INTRODUCTION

in heavy weather conditions. Despite the difficult circumstances, it sometimes
happens that pilots must land on a deck of a threatened ship or mining platform.
Having in mind that usually such an operation must be realised in presence of a
strong wind, the landing is extremely hazardous for the aircraft’s and ship’s crews.
In these circumstances, the adaptive landing gears would play very important role
as, device that improve significantly safety of landings of the air vehicles and lower
the risk of accidents.

This work is devoted to analysis of adaptive impact absorbers applied as
aircraft landing gears. The presented work discusses a possibility of utilisation
of active dampers based on magnetorheological fluids (MRF) as the actuator for
the proposed system. Control issues of an impact absorption system are widely
presented.

1.1 Design of shock absorbers

The general objective of shock absorbers is to mitigate undesirable dynamic ef-
fects caused by accidental impact forces acting on the protected structure. The
impacts can be considered in catastrophic and non-catastrophic scale, but in both
cases the proper energy absorption capabilities of the landing gears and struc-
tural elements are significant from the point of view of safety [7, 8, 9]. In the
non-catastrophic cases, one of the forces’ origins are kinetic excitations coming
from the shock of the base, where it is fixed to the structure (e.g. road vehicles,
rail vehicles, aircraft during landing and taxiing) [10, 11]. Impacts result in the
impulsive generation of acceleration levels within the suspension. The objective
of the shock absorbers is then to minimize the acceleration peak levels being
transferred to the structure.

Let us analyse a structure that is schematically presented in Fig. 1.1. The
isolated mass m (object), which can be considered as a rigid body with six de-
grees of freedom, is connected via a shock absorbing device to a base. If the shock
appears in such a direction that the resultant force in the shock absorber crosses
the centre of the mass, a translational vibration will be induced. In other situa-
tions, coupled rotational vibrations will also appear additionally. Let us assume
that the condition for excitation of the translational vibrations is satisfied and
also the direction of the object’s movement is known. For these assumptions the
system can be treated as 1 DoF.

Let z(t) and y(t) describe absolute displacements of the object and the base.
So

x(t) = y(t)− z(t) (1.1)

is the relative displacement of the object and base, which is equivalent to the
deflection of the shock absorbing device consisting of a spring k and the damper
c. When the shock absorbers force is denoted as Q(x, ẋ) then the equation of
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Figure 1.1: Model of a damped oscillator excited with impact loading.

motion of the object can be formulated as follows:

mÿ(t) + Q(x, ẋ) = 0. (1.2)

Absolute acceleration of the object is

ÿ(t) = ẍ(t) + z̈(t) ≡ a(t). (1.3)

The efficiency of the shock absorption process is described as follows:

max|z(t)|
max|a(t)| ≡ σ, (1.4)

where σ is shock transmissibility that depicts the amount of acceleration reduc-
tion [10, 11], i.e. how much the maximum acceleration of the object is lower in
comparison to the acceleration of the base after impact. Naturally, an effective
shock absorber has to have σ > 1, and the higher the number is, the better will
be the shock absorber designed. However, in order to reach a significantly high
value of the ratio σ, the shock absorbing elements (k and c in Fig. 1.1) must be
capable of long deflections. In other words, the stroke of the shock absorber must
be sufficiently large. On the other hand, the necessity to minimize the shock
absorber’s size drives the designer to reduce the stroke.

For the above reasons the designer must propose a solution that maximizes
the acceleration reduction, whilst minimizing the size of the shock absorber’s
housing. As a consequence, there are acceptable values of deflections and accel-
erations assumed:

accept max|a(t)| ≡ W and accept max|x(t)| ≡ X.

The limits are imposed by strength and design considerations. On one side,
it is important to limit the forces affecting the structure. On the other side, it
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is important to prevent the occurrence of shock strut bottoming, which would
result in high force peaks. As a result, the following conditions should be satisfied
for every time instant t of the movement:

max|a(t)| ≤ W, (1.5)

max|x(t)| ≤ X. (1.6)

The presented methodology of the shock absorbers conceptual design allows
tuning of the damping and stiffness characteristics to one particular magnitude of
impact energy. However, in the case of landing gear shock absorbers, the impacts
vary significantly between landings. According to the industry regulations [12],
all landing gears are optimized for the case of an impact with the maximum
aircraft weight and sink speed (i.e. max. impact energy). This is purely for the
reason of safety. This situation results in non-optimal landing gear behaviour for
more common landings with lower impact energies. More specifically, this non-
optimal behaviour results in the generation of very high damping forces and an
unwanted reduction in the effective stroke. Consequently, the acceleration of the
protected structures is increased. These unnecessary overloads of the structure
significantly influence the fatigue processes.

A solution of the mentioned problem is the introduction of an adaptive landing
gear, which has the possibility of fitting its characteristics to particular landing
sink speeds and weights of the aircraft. This adaptation of the shock absorber
would allow optimal performance to be achieved for a wide range of impact
velocities and weights of the structure. The introduction of such a system would
improve the fatigue of the protected structure as a result of reduced accelerations
that the structure is subjected to. The statistical benefit from the introduction
of an ALG was estimated as 16% [13].

The force generated by the LG depends on the difference between the fluid
pressures ∆p in the lower and upper chamber of the strut [14, 15] (Fig. 1.2). This
force can be controlled in three ways. The pressure drop ∆p can be modified via
control of the gas pressure in the upper chamber, or by regulating the fluid flow
resistance across the orifice (using a fast actuated valve) or by changing the
rheological properties of the fluid in the gap. In the following study the third
option is analysed.

1.2 Active landing gears

The primary objective for landing gears in aeroplanes from the beginning of
their existence, was to soften the moment of touchdown and therefore to avoid
damages and fatigue in the airframes of aircraft during ground operations. The
first landing gears were made in the form of stiff structures where only the wheels
exhibited viscoelastic properties. Development of the technology and increase of
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Figure 1.2: Scheme of an oleo-pneumatic shock strut with metring pin.

the speeds and masses of aeroplanes, drove the designers to implement more
and more advanced solutions for the landing gears, which adapted elastic and
dissipative properties [16].

Intensive development of landing gears started in the United States in 1950’s
when oleo-pneumatic design became popular and widely employed. These shock
absorbers were composed of a combination of gas spring and two hydraulic cham-
bers, divided by an orifice providing a resistant reaction of hydraulic fluid pressed
through it. This type of shock absorbers was reported to have the highest ef-
ficiency in relation to the weight [14] but it also demonstrated a problem with
tuning of its properties for wide demands of the touchdown operation. The prob-
lem appeared because the reacting forces produced by landing gears are awaited
to vary in the particular phases of the landing loading. Additionally, the same
landing gear must also perform satisfactorily during taxi operations. However,
the hydraulic orifices of constant geometries were producing the reaction in linear
relation to the velocity of the piston. It was quickly determined as beneficial that
the hydraulic reaction was adjustable during the operation of the landing shock
struts. The first innovation that was introduced to the oleo-pneumatic shock
absorbers was the metering pin, which modulated the cross-section of the orifice
depending on the position of the piston as depicted in Fig. 1.2 [14].

Extended research on behaviour of oleo-pneumatic landing gears and on its
analytical prediction was conducted by NACA researchers. The objective was
development of modelling methods for landing gears’ behaviour and design tools.
The studies were conducted as numerical analyses with laboratory validations
[15, 17] and in parallel, the behaviour of landing gears was measured on especially
equipped aeroplanes [18]. One of the first methods of calculation of the metering
pin’s cross-section was proposed and described in [19].
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Development of supersonic aeroplanes in 1960’s introduced a new class of
problems in front of landing gears designers. The ground-induced dynamic and
vibration problems were magnified because of increased structural flexibility of
the slender bodies, thin-wing designs and higher take-off and landing speeds.
During design studies and investigations in particular designs, there were re-
ported extremely high vibration levels of fuselages during take-off [20]. In these
circumstances, the primary objective for landing gears were extended to the effec-
tive devices for mitigation of vibrations. From the beginning of 1970’s a concept
of active landing gear started to be considered as a solution for the vibration
problems [21].

The active landing gear were defined as shock struts with actively controlled
damping force. The control procedure contained increasing or decreasing, ac-
cording to an applied control strategy, the internal hydraulic pressure by means
of external reservoirs of compressed medium. Initially the developers of the new
type of the landing gears were focused on recognition of the character of the phe-
nomenon, analytical modelling and assessing the feasibility of the active landing
gear’s behaviour [22, 23]. The first results were very promising in the field of
the vibration mitigation, but technological problems were reported since the es-
timated flow rates of the hydraulic fluid in the system were predicted up to 1000
litres per minute [22]. At the beginning of 1980’s the new concept was matured to
the phase of prototype system that was designed in accordance to all aeronauti-
cal regulations [24, 25] and then tested in experimental field of Langley Research
Centre on the impact and roll-out operation [26, 27]. These tests have shown that
the device is effective in reduction of dynamics effects on the airframe but it was
also pronounced a significant unfavourable influence of bending of the landing
gear during spin-up phase of touchdown. In 1990’s the active landing gear was
adapted for employment in several military aircraft as reported in [28, 29, 30].
The actively controlled landing gear were analysed for utilisation in military avi-
ation also in Europe in 1990’s [31].

The presented active solutions were characterised by high energy consump-
tion due to necessity of delivering of high pressures, and thereafter these were
generating high power costs. Taking into account a large number of parts in the
design of the landing gears, these devices were probably much less reliable in
comparison to the traditional landing gears. However, the load control feature
is very desired in the undercarriage and therefore, in 1990’s a new proposition
became widely discussed [32, 33]. This was an introduction to the landing gears
of a semi-active technology. This proposition had a serious advantage in compari-
son to the active solution since the main idea was managing of energy dissipation
in the landing gears via controllable damping force, but without the necessity
of adding hydraulic energy to the system. The designs were focused on optimal
control development and possible actuation systems analysis [32, 34, 35]. After
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year 2000 scientific research centres were reporting the results of experimental
testing of the semi-active landing gears [36, 37]. The proposed solutions were
employing fast servo-valves mounted in the system [36].

Another possibility of development of a semi-active landing gear is to employ
a magnetorheological fluid instead of hydraulic oil. This functional fluid exhibits
a possibility of changing its effective viscosity under influence of externally pro-
vided magnetic field. This feature of the medium allows to control its flow via
modification of the external magnetic field density. This solution has the follow-
ing advantages in comparison to classical oil and valves: simplicity of design as
the fluid paths require no valves, low power consumption as the power is needed
only to supply an electromagnet coil, high reliability as the solution is free of
complicated mechanical systems and fast moving parts.

In accordance to the presented discussion, a concept of adaptive landing gear
based on a magnetorheological fluid was analysed in this research. The idea of
magnetorheological landing gear was the subject of European project developed
in frame of 6FP entitled ”Adaptive landing gears for improved impact absorp-
tion” [38] and part of the designing problems were presented in the following
publications: [6, 39, 40].

1.3 Functional fluids

Magnetorheological fluids belong to the class of functional materials defined as
materials that exhibit changes in their mechanical properties under the influence
of an external non-mechanical excitation i.e. electrical or magnetic. Examples of
the materials can be found among solids and fluids. Solids belonging to this class
are piezoceramics [41, 42], which change their geometry due to applied voltage,
or magnetorheological elastomers [43], which change their rheological properties
under influence of magnetic field. Sensitive to magnetic field density is also the
group of magnetostrictive materials [44, 45] that change the geometry. To the
group of functional fluids belong electrorheological and magnetorheological fluids,
which change their apparent rheological properties in response to the applied
fields, relatively: electric and magnetic. In this study magnetorheological fluids
are in the scope of research.

Magnetorheological fluids are non-colloidal suspensions consisting of two main
components: micron-sized particles made of soft magnetic materials and carrier
fluid with non-magnetic characteristic [46, 47, 48]. Commonly the magnetic ma-
terials are iron oxides (Fe2O3 and Fe3O4), and for the carrier fluids the following
ones are used: water, silicon, mineral or synthetic oil and glycerol. Typically it
contains between 30 and 35 % of the ferroparticles by volume, which is correlated
with typical density on the level of 3.5 to 4 g/cm3. Magnetorheological fluids can
operate in the temperature range -40 – 150 Celsius degrees and are insensitive to
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contaminants.
The phenomenological explanation of the effects taking place in the fluid

in the presence of magnetic field can be presented as follows. Under influence
of an externally applied magnetic field, the ferromagnetic particles distributed
randomly in the volume of carrier fluid form chains connecting the magnetic
poles as presented in Fig. 1.3. In the result the fluid exhibits a yield stress, which
is in the interval from 50 to 100 kPa under the magnetic flux u250 kA/m.

The magnetorheological fluids can be employed in three modes of operation,
which are depicted in Fig. 1.4 A, B and C. In the first - flow mode, the MRF’s
were under pressure gradient developed between two ends of the orifice presented
in Fig. 1.4 A. In this mode MR fluid flows between stationary poles and the
magnetic field causes a controllable resistance to flow of the medium, which in
result modulates the pressure and acts as a valve. Incorporation of such a valve
to connect chambers of a hydraulic damper gives a possibility of gaining the
controllable reaction damping force.

The second operational mode of MRF is direct shear depicted in Fig. 1.4 B.
In this configuration, the magnetic poles are in the relative movement and the
MRF distributed between them is under pure shear. This mode of operation is
widely employed in designs of brakes or clutches [49, 50].

In the third operational mode the MRF is squeezed between the poles in the
direction parallel to the lines of the magnetic field as depicted in Fig. 1.4 C. In
this concept, reacting forces that can be obtained are much higher than in flow
and shear modes but the displacements are limited to a few millimetres. This
mode of MRF operation can be used for designing of bumpers or fenders with
small strokes.

MRFs have time-dependent properties, a finite time is required for the parti-
cles to realign as they were sheared. When the excitation is changed this time is
found to be less than one millisecond. The delay time here depends on the inertia
of the particles. In wide class of cases they proved to be an excellent choice for
applications where strong dynamic features are required [48].

The devices based on MR technology are widely developed, designed and
tested by researchers and some applications are already commercialised. The
most widely considered application field for the MRF is semi-active mitigation
of vibration. The applications were proposed for protection of civil constructions
against seismic threatens [51, 52] as well as for semi-active vehicle suspensions
[53, 54, 55]. The MR technology was also applied in prosthetics where an artificial
knee was developed [47]. All of the mentioned applications employ linear MR
dampers.

Another group of applications that utilise the MRF are rotary brakes and
clutches. These devices allow to mitigate a wide class of undesirable dynamic
effects appearing on rotating shafts or axles [49, 56]. For example, a rotary break
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Figure 1.3: Principle of MRF behaviour.

Figure 1.4: Modes of MRF’s operation.

was developed to protect the patient lying on the bed in ambulance from a shock
due to sudden break [57].

In the recent years conceptual research was performed on an adaptive landing
gears actuated via magnetorheological fluids, cf the ADLAND project [38, 58, 6,
59]. The implementation of the MR fluid into the shock absorber gives an unique
opportunity to control the pressure drop ∆p between the upper and lower cham-
ber in a continuous manner. Having the magnetic field generator incorporated
around the hydraulic orifice, one can reach a controllable valve effect by means
of control of the local apparent viscosity of the fluid.

1.4 Background, objectives and composition of the thesis

A major part of the present research was carried out under the ADLAND project
[38] - Adaptive landing gear for improved impact absorption - developed by an
European consortium in the frame of the 6th Framework Program. The project
partners have investigated a possibility of incorporating of various semi-active ac-
tuators into classical landing gear in order to assess the feasibility of development
of adaptive landing gear for a civil aircraft. One of the key methods developed in
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the project was MR technology and consequently, an appropriate control system
must have been studied.

The objective of application of the magnetorheological fluids into the aircraft
landing gear had driven the researchers to the necessity of performing a deep
research on the MR fluid’s mechanics under the flow mode of operation. This
requirement was fulfilled via conducting of an elementary research program on
an intentionally built testing stand. Consequently, the objective of this research
was:

To derive and experimentally validate a model of flow of MR fluid in the condi-
tions of significant field density variation.

The original author’s contribution was:

• building of the mockup for flow visualisation of the MR fluid

• formulation of a more precise flow law for MRF under non-homogeneous
magnetic field

• development of analytically based model of a magnetorheological damper
and its experimental verification

The task was completed on the example of a commercially available MR
damper used in the research.

The feasibility of impact absorbers based on MRF for the adaptive landing
gears depend strongly on the response time exhibited by the actuation system.
An advanced control system must have been designed in such a way that allow
the actuator to operate with time delays below 5 ms (0.005 s). Moreover, the
developed control strategy must have been able to meet all of the specific re-
quirements and constraints typical for aviation. Consequently, the second key
objective of the present research was:

To develop and experimentally validate a control procedure for adaptive impact
absorbers based on magnetorheological fluids.

The analysed control procedure primarily focused on the impact phase of an
aircraft’s landing as this is the crucial point in assessment of the feasibility of the
system.

The original author’s contribution was:

• building of the stand for dropping tests able to demonstrate the concept of
the adaptive landing gear

• programming of the controller for the system with the response time equal
or less 0.005 s
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• integration of the adaptively controlled ALG model based on MR damper
RD-1005-3 and the developed controller

• experimental verification of the ALG concept

• numerical and experimental assessment of the potential improvement in the
behaviour of landing gears on an example of an existing aircraft

This work was divided into two parts, both related to the magnetorheological
fluids. The first part was devoted to the topic of basic mechanics of the medium
in the flow mode. The key problem presented in the first part of the research was
derivation of a more precise law of flow for MRF. Then the analytical model of
magnetorheological damper was formulated and validated experimentally.

The second part of the work was devoted to the problem of control of the
MR devices under operation in Adaptive Impact Absorption applications. This
part was focused on the analysis of challenges in design and the proposition of
control algorithm that would enable us to process the control within the time
limits characteristic for the impact phenomenon.

Composition of the work

The thesis was organised as follows:
Chapter 2 discusses the area of the fundamental mechanics of magnetorheo-

logical fluids. It starts with a literature review, which gives an overview of MRF
modeling issues and current problems that researchers are faced to. The main
part of the chapter presents a model used in this research for description of MRF
in flow mode, where there is a significant fluctuation of magnetic flux density
across the flow orifice. Finally, an experimental verification of the results is pre-
sented on an intentionally fabricated device, which allows the visualisation of the
MRF under flow mode.

Chapter 3 presents an analysis of operation and formulation of modelling
of a magnetorheological damper manufactured by LORD Corporation. That
damper was the dissipative magnetorheological device used in the experiments
for this study. An analytically formulated model of the device is proposed, which
incorporates all of the physical effects occurring in the device. A special attention
was applied to the problem of modelling of MR fluid flow in the device with
reference to Chapter 2.

Chapter 4 presents a discussion devoted to methods of accelerating of the MR
devices operation. The main sources of the time delays in the execution systems
are presented and the solutions are proposed. The discussion contains a set of
experimental examples for illustration of the described methods.

Chapter 5 presents issues that are connected to implementation of the MR
fluids in the adaptive landing gears. The objective of this chapter is to present
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the operation of an experimental system devoted to adaptive impact absorption.
The results of the research depict the feasibility of an AIA based on MRF. A
complete adaptive control system was constructed and validated experimentally.

Chapter 6 introduces a discussion about the gains that can be obtained as a
result of using the controlled AIA systems. The special attention here is given
to the potential for improvement that would be possible to be obtained in air-
craft landing gears. The analysis was performed on the numerical example of an
existing aircraft.

Chapter 7 presents the key conclusions of this research and some suggestions
for further work.



Chapter 2

Modelling of MR fluid’s flow

2.1 Introduction

Magnetorheological fluids belong to the class of functional materials. It is typical
for them to change apparent viscosity when an external magnetic flux is applied.
The behaviour of that smart medium is very complex in nature. Therefore, the
most challenging task in modelling of devices based on MR fluids is the ability of
predicting of the medium’s response under various magnetic and pressure excita-
tion. In the case of magnetorheological dampers, the dominant mode of operation
of the medium is flow under pressure gradient. The following part of the work is
devoted to the topic of mathematical modelling of the MR fluid’s flow.

In order to study the mechanics of the MR fluid under the flow mode, an
experimental apparatus was designed and fabricated. The apparatus allowed to
test an experimental volume of MR fluid being under the flow mode by continu-
ously applied pressure gradient. The experimental volume of fluid of rectangular
shape was excited with magnetic flux in perpendicular direction.

This chapter presents at the beginning a review of methods of modelling of MR
fluids under the flow mode and introduces the experimental stand with analysis
of their magnetic properties. The further part introduces the models used for
prediction of the MR fluid behaviour in the experiments and gives verification of
the measured results.

2.2 Review of the methods of modelling

The problem of modelling of the magnetorheological fluids’ behaviour was at-
tempted to be solved by means of several methods. The primary papers devoted
to that topic focused on the phenomenological modelling of complete magnetorhe-
ological devices [60]. A significant advantage of these methods was the ability of

15
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prediction of full dynamics of the modelled devices. However, since the methods
did not come into analysis of the fluid’s behaviour itself, they could not serve as
supporting tools for designers.

The second group of the proposed models were based on the analysis of the
MR fluid’s mechanics in steady conditions [61, 62, 63, 64]. The analysis was based
on analogy between behaviours of magnetorheological and electrorheological flu-
ids [61, 65, 66]. The models were based on the Bingham plastic body constitutive
relation, which was adapted from classical mechanics of non-Newtonian fluids.
This constitutive model of MR fluid behaviour was introducing the yield stress
level varying depending on the applied magnetic field intensity. This way of mod-
elling has proved its usefulness in characterisation, and the preliminary scaling of
many adaptive devices based on MRF [52, 67, 68, 69]. The Bingham model has
a very important advantage: it gives an opportunity of derivation of equations
describing the flow of the fluid with analytical solutions. Therefore, the model
can serve as well as a tool for prediction of the behaviour of existing MR devices
and it can be used as a tool for design purposes. Due to the complexity of the
equations, the analytical solutions can be found only after assuming non-inertial
character of the medium. Because of this limitation, the Bingham model gives
only a possibility of prediction of the MR fluids behaviour in the steady flows.

During nineties the models were continuously tested and researchers noticed
that the Bingham model does not respond properly in the range of very low and
very high shear rates. The models were continuously improved in order to obtain
the closest response of the model to the results of experiments. Examples of effects
of these research are: biviscous modelling and Hershell-Bulkley modelling [64, 70].
Biviscous modelling was proposed by Werely [63], who introduced a principle of
bilinear constitutive relation describing the fluid. This method intended to model
the behaviour of the medium in the range of very low shear rates. The model of
Hershell-Bulkley was introduced in order to predict the behaviour of the MR fluid
in the range of high shear rates and reflect the phenomenon of shear thickening
and shear thinning of the fluids. However, the model is identifiable only by means
of empirical search, which limits its applicability to the task of modelling of the
existing devices on the basis of measurements.

The discussion presented above gives a strong recommendation for Bingham
model which is a useful tool for analytical modelling of the existing devices and
it can serve as tool for designers, on the preliminary stage of the design process.

In accordance to the presented discussion, in this research a special attention
will be given to the modelling and initial sizing of the MR devices by the Bingham
model.

Another important problem that is rarely considered is characterisation of
the magnetic field perpendicular to the fluid gap. In many of the investigations
described above, the magnetic flux density and hence the yield stress is assumed
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Figure 2.1: Overview of the experimental valve.

to be constant across the entire flow area. This assumption is valid in a wide
class of devices that have the orifice gap small in comparison to the volume of
magnetic circuit material, but there may be instances when the assumption is
not valid, e.g. the seismic protection devices where a gel is utilised as the carrier
fluid and, therefore, the orifice is larger in accordance to the higher base viscosity
of the MRF.

Transverse variation of the magnetic field in the gap was reported as the
general analytical issue that can influence the character of flow in MR fluid ducts
[52]. The authors developed an axisymmetric model that accounted for a variable
yield stress by using an inverse power law. This was compared to a simplified
model that assumed a constant yield stress, although the simplified model was
found to be adequate for that problem.

In summary, the distribution of the magnetic field intensity is not a widely
considered problem. Nevertheless, it is an important issue to be analysed in the
case of potential devices where the fluidic gap must be designed to be larger,
and then the predictions of the ER/MR fluid behaviour require a magnetic field
intensity analysis perpendicular to the valve gap. Such a case is analysed both
numerically and experimentally in the last part of this chapter.

2.3 Experimental setup

In order to perform the research on the MRF in the flow mode, an experimen-
tal model of a magnetic valve was designed and fabricated (Fig. 2.1(a)). The
magnetic valve was designed in the way to enable the following measurements:
determination of pressure drop variation as a function of the magnetic field in-
tensity and visualisation of the MR fluid in the flow mode.

The experimental volume of the MR flow channel that was activated by the
magnetic field was a rectangular block as shown in Fig. 2.2. The fluid in the
channel was excited with the magnetic field lines along the Y axis and the fluid
was under a pressure gradient along the X axis (Fig. 2.2). The dimensions of
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Figure 2.2: Geometrical representation of the active volume of the MR fluid,
round arrows – magnetic induction, rectangular arrows – pressure gradient.
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Figure 2.3: Assembled experimental stand

the channel were: 1 mm height, 3 mm width and the magnetically active length
was 20 mm. Fig. 2.1(b) presents the top view of the experimental valve. The
top surface of the device is made of glass in order to enable the MR fluid flow
observations. The dark grey area visible in Fig. 2.1(b) represents the MR fluid.
The channels side borders are six plates. Four of them are aluminum plates
(having non-magnetic properties) and two of them are made of silicon iron and
play the role of magnetic poles, connected to the magnetic circuit (Fig. 2.3).

The magnetic circuit was designed in a way to provide a sufficient magnetic
field to excite the volume of MR fluid across the orifice. The magnetic circuit
consisted of a magnetic core made of silicon iron and a coil (Fig. 2.3). The main
part of the core had a cross-section 20 mm x 10 mm (width x height) and for
the part, which was connected to the experimental channel, the dimensions were
reduced to 20 mm x 1 mm (width x height). The coil had 140 turns and was
positioned symmetrically with respect to the gap in the magnetic circuit. The
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magnetic excitation system was able to generate B = 0.5T between the poles.
The symmetrical positioning of the coil allowed the generation of an exactly
equal level of flux density on both surfaces of the poles.

The pressure gradient was generated by a piston pump, which could pro-
duce a maximum level of 2MPa. The resulting flow rates tested were up to
2.5· 10−5 m3s−1. The experiments included the following measurements: pres-
sure signal on the inlet and outlet of the flow channel, displacement of the pumps
piston, and the current applied to the coil. This was sufficient to enable the
quasi-steady pressure/flow rate characteristic of the valve to be calculated.

2.4 Constitutive relation

In accordance to the discussion presented in the previous section, the Bingham
model of the MR fluid behaviour was chosen for further analysis. The MR fluid
flow was modelled by means of a non-Newtonian constitutive relation in order to
utilise adaptive properties of the MR damper. The constitutive relation describ-
ing the plastic bodies is given by Eq. (2.1). The relation introduces a parameter,
which describes the dynamic yield stress τ0 of the fluid, which defines a shear
stress level (yield stress) below which the flow of MR fluid is not developed. The
yield stress level τ0 varies depending on the magnetic flux intensity of the MR
fluid’s excitation. The relation is formulated as follows:

τ = τ0 + µp
du

dy
. (2.1)

Here τ0 is dynamic yield stress, µp is base viscosity of the fluid and du
dy is the

1D shear rate. The Bingham model was widely used for description of the MR
fluid behaviour [66].

In the present work the MR fluid was modelled in two modes of operation. At
first the damper was assumed to be a passive device. This assumption was made
for the operation of the damper with zero magnetic field applied. The objective
for this analysis was determination of the value of the base viscosity µp in an
intentionally designed experiment. In the case of passive operation of the MR
fluid the yield stress τ0 was assumed to be equal zero, which leads to the following
form of the constitutive relation:

τ = µp
du

dy
, (2.2)

in which µp is the base viscosity.
The relation Eq. (2.2) is the constitutive relation for Newtonian fluids [71],

expressing proportional relation between shear stress τ and shear rates γ̇. Fig. 2.4
depicts a comparison between rheological characteristics of the Newtonian and
non-Newtonian fluids.
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Figure 2.4: Illustration of constitutive relations for Newtonian fluids and Bingham
plastic bodies.

The modelling of the MR fluid with the Bingham model is based on the
assumption that the magnetorheological fluid under excitation of magnetic flux
behaves like a plastic body and can be described by the relation Eq. (2.1). De-
pending on the intensity of the magnetic excitation, the MR fluid exhibits the
higher yield stress described by τ0.

2.5 MR fluid’s flow in passive mode of operation

The passive mode of operation in the case of an MR fluid is behaviour of the
medium when the external magnetic field is not applied. Assumption here is
that the behaviour of the fluid in such conditions can be described by means of
relations derived for an incompressible Newtonian fluid. The constitutive relation
of Newtonian fluids was defined in Eq. (2.2).

2.5.1 Flow of a viscous fluid - governing equations

The flow of an incompressible Newtonian fluid can be expressed by the Navier-
Stokes equations [72] as:

ρ
Du

Dt
= ρg − Op + ηO2u, (2.3)

in which:
Du

Dt
- material derivative, ρ - fluid density, u - fluid velocity vector, g -

gravity, p - fluid pressure, η - viscosity of the fluid.
By reduction of the expressions connected with z direction, one can obtain

fluid flow equations for a 2D analysis in the form of components in the Cartesian
coordinate system:
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Figure 2.5: Illustration of the Newtonian fluid flow case.

ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y

)
= ρgx − ∂p

∂x
+ η

(
∂2u

∂x2
+

∂2u

∂y2

)
,

ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y

)
= ρgy − ∂p

∂y
+ η

(
∂2v

∂x2
+

∂2v

∂y2

)
.

(2.4)

Exact reformulation of the equation can be found in Appendix A.

2.5.2 Flow of a viscous fluid between parallel plates

Let us consider the Newtonian fluid flow between two parallel plates that are
fixed in a vertical position presented schematically in Fig. 2.2. The fluid flow will
be developed by a pressure gradient in the flow direction parallel to x axis. Let
us assume that the flow is two-dimensional, steady, uniform and analysed in the
(x, y) coordinate system as presented in Fig. 2.5. In the analysis the fluid was
assumed to be incompressible.

An analysis of the assumptions of the case under consideration leads to the
following:

− Steady flow
∂u

∂t
= 0,

−Uniform flow
∂u

∂x
= 0,

∂2u

∂x2
= 0,

−No flow in Y direction v = 0,

−Gravitation gx = 0, gy = 0,

− Pressure gradient
∂p

∂x
< 0.
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In accordance with the above expressions, the flow equation Eq. (2.4) can be
reduced to:

0 = − ∂p

∂x
+ µ

∂2u

∂y2
. (2.5)

Since it was assumed that the pressure gradient varies linearly along the length
of the orifice, it can be formulated as:

∂p

∂x
=

dp

dx
. (2.6)

When we analyse the case present in the experiment, then: dx = L - length
of the orifice and dp = ∆P - pressure drop across the orifice.

Thus the equation of flow for the considered case is:

∆P

L
= µ

∂2u

∂y2
. (2.7)

Flow rate for the case of parallel plates flow

Double integration of Eq. (2.7) enables us to obtain the velocity profile between
parallel plates:

u =
1
2µ

∆P

L
y2 +

A

µ
y + B, (2.8)

in which A and B are constants of integration. In the considered case of flow
through a duct, the boundary conditions are:

u(y)|y=0 = 0,

u(y)|y=a = 0,

in which a is the distance between the considered plates.
Substitution of the boundary conditions enables us to evaluate the constants

of integration:

B = 0,

A = −1
2

dP

dL
a.

Eliminating A and B results in:

u =
1
2µ

∆P

L
(y2 − ay). (2.9)

The discharge past a fixed cross-section is obtained by integration of Eq. (2.9)
with respect to y:
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Q = h

∫ a

0
u dy = −h

1
12µ

∆P

L
a3, (2.10)

in which h is depth of the analysed orifice that has a rectangular cross-section.

2.6 MR fluid’s flow in active mode

2.6.1 Flow of Bingham plastic body - governing equations

The fluid flow equation was derived from the generalized form of the Navier-
Stokes equations [72]. The flow equation for an incompressible, non-Newtonian
fluid can be expressed as:

ρ
Du

Dt
= ρg + div(τ), (2.11)

where:
D

Dt
- material derivative, ρ - fluid density, u - fluid velocity vector, g -

gravity, τ - general stresses on the fluid element.
And by reduction of the expressions connected to z direction one can obtain

fluid flow equations for a 2D analysis:

ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y

)
= ρgx − ∂p

∂x
−K

∂2u

∂x2
+

∂τyx

∂y
,

ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y

)
= ρgy − ∂p

∂y
+

∂τxy

∂x
−K

∂2v

∂y2
.

(2.12)

Exact reformulation of the equation can be found in Appendix B.

2.6.2 Flow of a Bingham plastic body between parallel plates

Let us consider a Bingham plastic body flow between two parallel plates that are
fixed in a vertical position. The object is placed in a non-gravitational field. Let
us assume that the flow is two-dimensional, steady, uniform and that it is analysed
in a 2D coordinate system. The considered fluid is assumed to be incompressible.
The flow is developed parallel to the x axis and positive and is developed by
a pressure gradient between both ends of the considered duct.

The case of 2D flow between parallel plates is schematically presented in
Fig. 2.6.

The flow of the MR fluid can be successfully modelled by means of Bingham
plastic body constitutive law [66, 61]. The equations of the non-viscous fluid flow
between parallel plates can be expressed as Eq. (2.12):
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Figure 2.6: Illustration of the MR fluid flow case.
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(2.13)

The considered flow is analysed in a two-directional Cartesian coordinate system,
velocity vector is u = (u, v).

For the flow analysis, the following set of assumptions is going to be taken
into account:
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− Steady flow
∂u

∂t
= 0,

−Uniform flow
∂u

∂x
= 0,

−Gravitation gx = 0, gy = 0,

− Fluid is incompressible
∂2u

∂x2
= 0,

−No flow in Y direction v = 0.

After taking the assumptions into account the flow equation reduces to the
following form:

0 = − ∂p

∂x
+

∂τyx

∂y
,

0 = − ∂p

∂y
.

(2.14)

It can be seen that the pressure gradient in y direction is zero what is consis-
tent with the assumptions made for the analysis. For further considerations the
following equation is valid:

∂p

∂x
=

∂τyx

∂y
. (2.15)

Note that τyx is the shear stress in direction of the x axis.
Since pressure p depends exclusively on variable x, then the flow equation

takes form:

dp

dx
=

∂τyx

∂y
. (2.16)

To solve the flow Eq. (2.16) the constitutive law for Bingham plastic body is
introduced:

τyx = τ0sgn(u) + µp
du

dy
. (2.17)

Symbol τ0 expresses a dynamic yield stress of the Bingham plastic material.
When value of the shear stress of the considered material does not exceed the
value of |τ0|, the flow is not developed. When the shear stress τ exceeds the |τ0|,
the material begins to flow and velocity gradient starts to be greater than zero
du

dy
> 0. The flow cross-section is then divided into three regions (Fig. 2.6): R1,

R2, R3. The viscous flow takes place in regions: R1 and R3, where the shear
stress value is greater than τ0. In the region R2 the shear stress is lower than τ0
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and the shear rate observed in that region is equal zero
du

dy
= 0. The relative

velocity on the borders between the regions is described by function u′(y).
Assuming that the analysed fluid is under the flow conditions τyx > τ0, the

constitutive law Eq. (2.17) can be substituted to the flow equation Eq. (2.16):

d2u

dy2
=

1
µp

dp

dx
(2.18)

and after integration:

uR1(y) =
1

2µp

dp

dx
y2 + C1y + C2.

In the region R1 boundary conditions for the flow are: uR1(0) = 0, u′R1
(yR1) =

0, which leads to the following velocity profile:

uR1(y) =
1

2µp

dp

dx
(y2 − 2yR1y). (2.19)

In the region R2 the shear stress is expressed as:

τyx =
dp

dx
y + C1. (2.20)

Boundary conditions for the region are τyx(yR1) = τ0, τyx(yR2) = −τ0. Substi-
tution of the conditions into Eq. (2.20) leads to the following system of equations:





τ0 =
dp

dx
yR1 + C1,

−τ0 =
dp

dx
yR2 + C1.

(2.21)

Solution of the system is the thickness of the plug flow (R2) in the duct
denoted as δ:

yR2 − yR1 =
2τ0

dp
dx

, δ = yR2 − yR1 .

Thus:

δ =
2τ0

dp
dx

. (2.22)

In the Region 3 (R3) the shear stress value exceeds τ0 and then:

uR3(y) =
1

2µp

dp

dx
y2 + C3y + C4. (2.23)
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Boundary conditions for the Region R3 are uR3(h) = 0, u′R3
(yR2) = 0, thus

after substitution to Eq. (2.23) it leads to the velocity profile in the region:

uR3(y) =
1

2µp

dp

dx

(
y2 − h2 + 2yR2(h− y)

)
. (2.24)

Because there is no flow across the plug flow region, the shear rate is equal
zero, the velocity has the same value in whole the region , thus:

uR1(yR1) = uR3(yR2). (2.25)

On the basis of Eq. (2.25) the following system of equations can be written:

yR2 − yR1 = δ,

yR2 + yR1 = h,
(2.26)

which in the solution leads to:

yR1 =
h

2


1− δ

h


 , (2.27)

yR2 =
h

2


1 +

δ

h


 . (2.28)

The Eq. (2.27) and Eq. (2.28) determine the position of the plug flow area in
dependence on the yield stress τ0 and in reference with the fluid duct dimension h.

For the analysed case we assume a linear drop of the pressure along the orifice.
Writing the pressure drop ∆p in the length L gives:

∆p

L
=

dp

dx
. (2.29)

Finally the velocity profiles in the particular regions can be expressed as:

uR1(y) =
∆p

2µpL

(
y2 − (h− δ)y

)
,

uR2(y) = − ∆p

8µpL
(h− δ)2 ,

uR3(y) =
∆p

2µpL

(
y2 − (h + δ)y + hδ

)
.

(2.30)

Since the fluid is assumed to be incompressible, the total volume flux through
the annular orifice is equal to the volume flux displaced by the piston. The
volumetric flow rates for the regions are:
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QR1 = b

∫ yR1

0
uR1(y)dy,

QR2 = b

∫ yR2

yR1

uR2(y)dy,

QR3 = b

∫ h

yR2

uR3(y)dy.

(2.31)

Here b is the circumference of the middle circle of the annular orifice and is
defined as:

b =
Din + Dout

2
, (2.32)

where Din and Dout are respectively the inner and outer circumference of the
annular orifice edges. The assumption introduced above makes the analysis not
exact since the model was derived for a parallel plate flow case and applied to
cylindrical geometry, what is an approximation. However, the experimental ver-
ification presented in the further part of the work shows that the approximation
gives very good results and in fact does not affect the results of modelling.

Integration of Eq. (2.31) gives the direct formulation of the volumetric flow
rate:

QR1 = −bh3∆p

24µpL


1− δ

h




3

,

QR2 = −bh3∆p

8µpL


1− δ

h




2

,
δ

h

QR3 = −bh3∆p

24µpL


1− δ

h




3

.

(2.33)

In accordance to the assumption of the fluid incompressibility, the equation
of continuity can be introduced to represent the total fluid flux:

3∑

i=1

QRi = Apvp. (2.34)

Note that Ap is the damper piston area, vp is the damper’s shaft translational
velocity. Substitution of Eq. (2.33) into Eq. (2.34) enables us to solve it for ∆p

in relation to the piston’s velocity vp.
Thus, the hydraulic resistance transmitted on the damper shaft Fh can be

denoted as:
Fh = −∆pAp, (2.35)
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which allows to implement this model into a more extended analysis of systems
with MR dampers.

2.7 Influence of magnetic flux variations within the MR

fluid’s duct

2.7.1 Explanation of the phenomenon

This section presents an example where there is a significant magnetic flux den-
sity variation across the valve gap of magnetorheological devices. Consequently,
the MR fluid yield stress distribution cannot be assumed as constant in numer-
ical modelling. In this section, conventional MR fluid flow models are updated
to account for quadratic yield stress distributions. The updated model is vali-
dated experimentally on a flow mode test rig that was designed for parallel flat
plates flow. In general, it is shown that the effect of the yield stress variation is
significant, and simplified models cannot predict the behaviour accurately. The
presented model is shown to improve the numerical predictions of the experimen-
tal response.

In most papers devoted to the analysis of steady flow in MR fluids, authors
assume invariable distribution of the magnetic flux across the valve gap [67, 65].
The assumption is valid for a significant number of the MR devices, in which the
dimension of the gap is small and the field intensity is high. However, in the case
when the flux density variation is significant and cannot be assumed as constant,
conventional models will not predict the behavior accurately. Such cases are more
likely to occur in devices where the gap size is large. The conventional models of
quasi-steady MR fluid flow are derived on the basis of the Bingham plastic flow
equation. Here, the yield stress in the fluid is often assumed as constant across
the valve gap. This is shown schematically in Fig. 2.7, which depicts MR fluid
flow between parallel flat plates of length l, and separated by distance h. The
flow is excited by a pressure drop ∆P and magnetic flux φ. Assuming a one-
dimensional steady flow and neglecting gravitational and compressibility effects,
the following governing equation can be readily derived [61]:

∆P

l
=

dτ

dy
. (2.36)

Here, τ is the shear stress, and y is the vertical displacement coordinate across
the gap. As shown in Fig. 2.7, this implies a linear shear stress distribution, which
is equal to zero at the centre of the channel. Due to the yield stress in the fluid,
this leads to the development of a plug where the shear stress does not exceed this
value. Outside of the plug, the fluid behaves in a viscous manner. In this section,
the most important modification to the conventional model is the introduction of
a variable yield stress across the valve gap. This is shown in Fig. 2.7(b), which
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conventional model that assumes constant yield stress.
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Figure 2.7: Schematic diagrams of MR fluid flow between parallel flat plates.
(a) Constant yield stress distribution across the gap and (b) quadratic yield
distribution across the gap.

indicates a quadratic distribution of the yield stress τy. This variation in τy can
significantly reduce the flow rate for a given pressure drop. With reference to
Fig. 2.7(b), this is because the difference between the shear and yield stress, and
hence the strain rate, is lower. Consequently, the aim of this section is to compare
conventional and modified MR flow models with an experimental test rig that
has notable variations in yield stress.

2.7.2 Magnetic analysis

A finite element model of the magnetic circuit described in Section 2.3 was de-
veloped. This was built using FEMM [73] and the corresponding model is shown
in Fig. 2.8. This is a planar model, which accounts for the fill factor of the steel
laminations, and the flux leakage into the surrounding air. To first validate the
model, the flux density in the centre of the fluid passage was measured using a
Tesla meter. These measurements were obtained in air as it is not possible to
place the Tesla meter’s probe in the MR fluid once the device is assembled and
sealed. The fluid gap in the model (see Fig. 2.8) was then substituted with an
air gap so that the predicted flux density could be compared with the experi-
mental readings. The results of this validation exercise are shown in Fig. 2.9,
which compares the modelled and experimental flux density values for a range of
currents. In general, the correlation between the model and experiment is good
thus validating the FE model. There is some fluctuation in the experimental
measurements although this may be attributed to the difficulties in positioning
the Tesla meter’s probe.

The next stage was to use this validated model to predict the flux density
in the MR fluid. Here, the magnetic characteristics of Fraunhofers AD275 MR



2.7. INFLUENCE OF MAGNETIC FLUX VARIATIONS WITHIN THE MR
FLUID’S DUCT 31

MR fluid gap

Coil

Laminations

of Silicon

Core Iron

AIR

AIR

Figure 2.8: Finite element model of the magnetic circuit.
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fluid [74] (i.e. the magnetic flux density versus magnetic field strength curve)
was used to model the fluid passage in the FEA. Fig. 2.10(a) shows the resulting
flux density distribution, where the distance corresponds to the co-ordinate y in
Fig. 2.7(b). Clearly, the quadratic nature of this response is fairly significant.
The corresponding absolute yield stress distribution is shown in Fig. 2.10(b),
which was calculated using the fluid manufacturers yield stress versus flux density
data [74]. This response can be modelled using the following quadratic formula:

τyx = ay2 + by + c, (2.37)

where a, b and c are fitting constants, which are given in Tab. 2.1 for the responses
shown in Fig. 2.10(b). In the next section, MR fluid flow models are developed
for the case where the MR fluid yield stress is assumed constant, and for the case
where a quadratic yield stress distribution is assumed.

2.7.3 Derivation of the equation

In the following analysis the flow of MR fluid between parallel plates is discussed.
There were assumed the following assumptions for the flow: laminar, steady,
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Figure 2.10: Predicted flux density and yield stress distributions across the valve
gap. (a) Flux density and (b) yield stress.

Current Parameter Parameter Parameter
(A) a b c

1.2 3225436.0 -9689.0 27.2
2.4 6767665.4 -20314.0 56.3
3.6 9233561.7 -27721.5 69.8

Table 2.1: Constants for the quadratic yield stress equations.

uniform flow and incompressibility of the fluid. The following derivation takes
advantage of the fact that the distribution of the magnetic flux intensity of the
considered case is symmetrical in relation to the central axis of the experimental
channel.

Then the flow of the fluid can be described as follows:

∂p

∂x
=

∂τyx

∂y
. (2.38)

Since the flow is considered to be developed exclusively in the direction of x

axis, the Eq. (2.38) will take form:

dp

dx
=

∂τyx

∂y
. (2.39)

The flow of the fluid is described by the following constitutive relation:

τyx = τ0(y, B) + µp
du

dy
. (2.40)

The key point of the presented analysis is incorporation of the non linear
characteristic of the yield stress distribution across the flow path of the fluid. The
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Figure 2.11: An example of quadratic field distribution between the magnetic
poles.

yield stress τ0(y,B) is non-uniformly distributed across the orifice and dependent
on local magnetic field intensity and position between the magnetic poles (in this
analysis it is assumed that the poles are plates).

As it is shown in the Fig. 2.11, the flow of the fluid is divided into 5 regions.
The behaviour of the fluid in the particular regions depend on the relation be-
tween the actual shear rate in the fluid and the local value of the yield stress.
A case where there is a significant fluctuation of the magnetic field intensity is
shown in Fig. 2.11. In this case the shear stress exceeds the value of yield stress
in the fluid in regions denoted by letters F1 and F2. Then the whole area of flow
is divided into 5 regions in which the fluid exhibits various behaviours:

• W1 and W2 - τyx < τ0(y, B) - no flow region in the area next to the wall(
du

dy
= 0

)
,

• P - plug flow region - τyx < τ0(y, B),
(

du

dy
= 0

)
,

• F1 and F2 - viscous flow regions - τ > τ0(y, B),
(

du

dy
> 0

)
.
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The assumption of the quadratic distribution of the yield stress was based on
the analysis of the magnetic flux distribution between the poles in the experiment.
The yield stress depends proportionally on the magnetic field intensity and then
it can be assumed to have similar character to the magnetic flux lines.

Analysis of flow in regions F1 and F2

It was assumed that in regions F1 and F2 the analysed fluid does exhibit the flow
phenomenon as the developed shear stress exceeds the level of the yield stress
value: τyx > τ0(B, y).

In the case when the analysis is devoted to the regions with developed flow,
the flow can be described as:

d2u

dy2
=

1
µp

dp

dx
. (2.41)

Double integration of the Eq. (2.41) leads to the following expression for
velocity in the region F1:

uF1(y) =
1

2µp

dp

dx
y2 + C1y + C2. (2.42)

In the analysed region F1, the boundary conditions are defined as follows:
uF1(yW1) = 0 , u′F1

(yP1) = 0 where u′F1
(y) describes the relative velocity on the

borders between regions F1 and P .
In the region F2 the expression describing the velocity of the fluid can be

written as follows:

uF2(y) =
1

2µp

dp

dx
y2 + C3y + C4 (2.43)

and the boundary conditions for the region F2 are: uF2(yW2) = 0 , u′F2
(yP2) = 0

where u′F2
(y) describes the relative velocity on the borders between regions F2

and P .
Substitution of the relative boundary conditions to the Eq. (2.42) and Eq. (2.43)

leads to the following solutions:

uF1(y) =
1

2µp

dp

dx

(
y2 − y2

W1
+ 2yP1(yW1 − y)

)
(2.44)

and

uF2(y) =
1

2µp

dp

dx

(
y2 − y2

W2
+ 2yP2(yW2 − y)

)
, (2.45)

where uF1(y) is velocity profile in region F1 and uF2(y) is velocity profile in region
F2.
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Analysis of flow in regions: W1, W2 and P

As the shear stress in the analysed case does not exceed the value of yield stress
in regions W1, W2 and P , the flow is assumed to be not developed in these areas.

The shear stress can be described as follows:

τyx(y) =
dp

dx
y + C5. (2.46)

Boundary conditions for the shear stress in the regions W1 and W2 can be
formulated as follows:

τyx(yW2) = −τow,

τyx(yW1) = τow.

Boundary conditions for the plug flow region P can be formulated as:

τyx(yP2) = −τop,

τyx(yP1) = τop.

Then the following systems of equations can be formulated:




τow =
dp

dx
yW1 + C5,

−τow =
dp

dx
yW2 + C5

(2.47)

and




τop =
dp

dx
yP1 + C5,

−τop =
dp

dx
yP2 + C5.

(2.48)

Solution of the equation formulated above leads to:

yW2 − yW1 =
2τow

dp
dx

= δw, (2.49)

yP2 − yP1 =
2τop

dp
dx

= δp, (2.50)

where δw is the normalised width of the flow region and δp is the normalised
width of the plug flow region.

As there is no flow developed in the regions W1 and W2, the velocity conditions
can be formulated:

uW1(0) = 0,

uW1(yW1) = 0,

uW2(yW2) = 0,

uW2(h) = 0,

(2.51)
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where h is width of the distance between the border plates.
Since the shear stress value within the plug flow does not exceed the yield

stress, the velocity in the area is equal on the whole width:

uP (yP1) = uP (yP2). (2.52)

The geometrical dimensions of the analysed case of flow can be calculated
from the following systems of equations:





yP1 + yP2 = h,

yP2 − yP1 = δp

(2.53)

and




yW1 + yW2 = h,

yW2 − yW1 = δw,
(2.54)

which after solution lead to the following results:




yP1 =
h

2


1− δp

h


 ,

yP2 =
h

2


1 +

δp

h




(2.55)

and




yW1 =
h

2


1− δw

h


 ,

yW2 =
h

2


1 +

δw

h


 .

(2.56)

The relations presented above enable us to predict the geometry of flow regions
in the analysed case.

The last value to be determined is the velocity of the plug flow which can be
formulated as:

up(y) = uF1(yP1) = uF2(yP2), (2.57)

which leads to the following relation:

up =
1

2µp

dp

dx

(
y2

P1
− y2

W1
+ 2yP1(yW1 − yP1)

)
. (2.58)
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Figure 2.12: Pressure drop versus displacement characteristics of the MR valve.

Relations given by Eq. (2.44), Eq. (2.45) and Eq. (2.58) allow to calculate
the resistance of the flow in the analysed MR device in the analogical way to the
presented in Eq. (2.31) to Eq. (2.35).

2.7.4 Experimental results

In this section, the experimental quasi-steady pressure/flow rate characteristic of
the MR valve is determined. The results are then compared to the quasi-steady
flow models that were developed in Section 2.7.3.

A typical experimental result for one constant velocity excitation is shown
in Fig. 2.12. This is shown in terms of the pressure drop versus displacement
for a range of current excitations. Here, the aim is to achieve a steady-state
pressure drop before the end of the damper’s stroke. For each current excitation,
this is clearly achieved after about 40mm of displacement. The mean pressure
drop in this steady-state condition is then calculated and plotted against the
corresponding steady-state flow rate. This process is then repeated for a range
of piston velocities and current excitations in order to generate the experimental
quasi-steady pressure/flow-rate curve.

The resulting experimental quasi-steady response is compared to the numeri-
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cal models in Fig. 2.13. Fig. 2.13(a) first presents the numerical results obtained
using the equation based on Bingham constitutive model, where the yield stress
is assumed as constant across the valve gap (Eq. 2.33). The value of yield stress
was taken as the mean of each curve shown in Fig. 2.10(b). Also, the viscos-
ity used in the model was 0.7Pas, which provided a good fit with the slope of
the zero-field response. This is actually higher than the value indicated by the
manufacturers data sheet, where it is possible to extrapolate a value of around
0.2Pas at comparable shear rates [74]. This discrepancy is likely to be caused
by the edge effects in the MR device. For example, the model assumes that the
parallel flat plates are infinitely wide such that the edge effects are negligible. In
the experiment, the width of the MR valve is very small, thus the edge effects
will be more significant, which may give rise to a larger apparent viscosity.

As shown in Fig. 2.13(a), the Bingham model fails to accurately predict the
experimental response throughout the range of flow rates. It should be noted
that at volume flow rates below about 0.4· 10−5 m3s−1, there is a significant re-
duction in pressure that appears to converge towards the origin. This is due
to leakage paths in the damper and so the low velocity characteristic of the MR
valve cannot be accurately measured. However, this leakage does not significantly
affect the results at higher velocities. This is because the resistance of the leak-
age paths will be significantly higher than the MR valve, thus the volume flow
rate through them will be negligible. It is therefore reasonable to concentrate on
comparing the model with the experiment at flow rates beyond 0.4· 10−5 m3s−1.
Fig. 2.13(b) compares the experiment with the results obtained from the modified
equation that accounts for the quadratic yield stress distribution - the solution
given in Section 2.7.3. Clearly, the correlation between model and experiment is
improved, particularly for higher applied currents. Comparing Fig. 2.13(a) with
Fig. 2.13(b), the difference between the modified and the conventional Bing-
ham model is particularly noticeable at higher voltages. Through inspection of
Fig. 2.10(a), this is because the range of yield stress values across the channel
is greater. In summary, the modified model will yield notable improvements in
model accuracy if large variations in yield stress are anticipated.

2.8 Summary of Chapter 2

This chapter has investigated the performance of an MR fluid device that was
found to exhibit significant variation of the magnetic flux density and hence the
yield stress across the valve gap. In numerical modelling, authors often neglect
this effect, although the assumption is usually valid when the valve gap is small.
In the present study, the valve gap was fairly large and so, a more complex
model that accounted for yield stress variation perpendicular to the valve gap
was required.
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Figure 2.13: Comparison of the experimental quasi-steady damping function with
(a) the Bingham equation and (b) the modified model.

To calculate the yield stress distribution, a finite element analysis of the mag-
netic circuit was performed. The FE model was first validated by using experi-
mental flux density measurements taken in air, and then the yield stress distribu-
tion in the fluid was calculated. The FE results indicated a significant quadratic
distribution of yield stress across the valve gap.

A numerical model that accounted for this quadratic yield stress behaviour
was then derived for quasi-steady Bingham plastic flow between parallel flat
plates. This model was compared to quasi-steady measurements taken from the
experiment, along with a simplified model that assumes a constant yield stress
across the gap.

It was shown that there was a significant influence of the quadratic yield stress
variation on the valves pressure/flow-rate response, and that the modified model
could better account for the experimental behaviour. The model was derived to
predict the flow rate given a specified valve pressure drop. The inverse of this (to
predict pressure drop given the flow rate) is significantly more difficult to solve
and requires further work.





Chapter 3

Modelling of MRD

3.1 Introduction

During the last decade much attention was given to the problem of modelling of
devices based on magnetorheological fluids and prediction of their behaviour. In
general, the researchers were divided into two groups: the first one was studying
the physics of the fluid and was discussing the problems of designing and scaling
of the mentioned devices, and the second group of researchers was focused on
utilisation of the unique properties of the MR devices. The key objective for the
second group was to develop a control method for a variety of the MR actuators
and to overcome their non-linearity [75, 76]. Researchers, who wanted to develop
control systems for MR devices required models of the regulated object. Since the
MR actuators were treated as only one part of larger controlled systems, then the
most important feature of the required models was to predict a phenomenological
behaviour of the devices in the presence of a variety of kinematic and electrical
excitations [77, 78]. These models are useful for the design of control systems
and validation of control strategies but are not devoted to the task of design of
the MR actuators geometry.

Then the first group of researchers, who were mentioned at the beginning,
focused on methods of prediction of the MR fluid’s behaviour inside of the devices
[66, 79, 64, 48]. Their analyses were devoted to scaling of the internal parts of the
MR devices [61, 80, 81]. Most of the researchers who were studying this problem
focused mainly on mechanics of the MR fluid and its interaction with the fluid
paths [82]. The effects of the MR fluids reactions were assumed to be the only
reactions to be taken into account in modelling of MR devices.

However, the effects that take place in MR devices are multi-physical in na-
ture. Most often the reactions which are provoked by MR fluid are accompanied
by significant influence of other forces generated in the devices. For that reason,

41
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Figure 3.1: Schematic cross-section of the considered MR damper.

in this chapter an MR damper is analysed as an example of device in which the
reactions are multi-physical in nature.

This chapter presents analytical modeling of an MR damper behaviour with
results of experimental verification. The damper was investigated as an example
of a device based on MR fluid. The investigation’s objective was validation of
the methods of modelling of the MR fluid’s flow (presented in Chapter 2) for
prediction of an application’s behaviour. Moreover, the model of the damper
presented in the following chapter has a new character where it was derived
directly from the analysis of the device’s design. The damper was modelled
analytically in a multi-physical routine, which allowed to take into account all
types of reactions generated in the damper during its operation. The model was
verified versus tests results obtained on experimental stands, which were designed
by the author and developed in the laboratories of IPPT PAN.

3.2 Analysis of the MR damper’s design

An MR Damper type 1005-3 manufactured by LORD Company was taken under
consideration as an example of translational dissipative device based on the MR
technology. The damper was analysed from the point of view of its design, in
order to identify the main forces contributing to the total force on the piston
shaft and in order to formulate their definitions. On the basis of this analysis
an analytical model of the complete damper was synthesised. Particular forces
contributing to the total force being generated by the damper, were identified
in a series of intentionally designed experimental tests. Finally, the model of
the damper was verified versus the experimental results obtained under various
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regimes of the damper’s excitation. The damper was experimentally tested in
three series:

1. Under intentionally designed testing regimes in order to identify the pa-
rameters of particular contributing forces.

2. Under continuous excitation of constant velocity in order to confirm cor-
rectness of the proposed model of complete device.

3. Under impact excitation in order to confirm applicability of the model for
dynamic modelling.

A schematic cross-section of the damper is depicted in Fig. 3.1. The main
parts are piston with a shaft and cylindrical housing. The magnetic actuator
(coil) is placed in the piston and the material of piston plays the role of the
magnetic circuit. During operation of the damper, fluid flows between chambers
of the damper through an annular orifice in the piston. Properties of the fluid
are influenced locally by the magnetic flux when it is pressed through the orifice.
In the bottom part of the cylinder housing a diaphragm divides a volume of
compressed gas from the fluid. Presence of the pressurised gas chamber increases
the initial pressure in the cylinder and therefore ensures avoiding of the cavitation
effects in fluid during flow through the orifice.

The dominant force generated by the damper is obviously the damping force
being the result of MR fluid’s flow resistance via annular orifice positioned in the
piston. Except for the damping force, the device generates also some friction and
stiffness reactions. It is significant in this case that the damping force is the only
one,the value of which depends on velocity of the fluid’s flow. The ratio of the
hydraulic force value to the rest of the acting forces differs for particular phases
of the damper’s operation. The most common operation mode of damper is
oscillatory motion. Under this excitation the device operates during each period
in the range of high velocities and in the range of velocities, their values being
close to zero. In the case of phases, when the velocity of the piston is high, the
dominant force generated by the damper is the hydraulic one, but in the phases
when the sign of velocity is changed (value of velocity is close to zero), the friction
and pneumatic forces give a significant contribution to the total force, which can
not be neglected when one needs an exact model of the damper’s operation.

The elements acting as force contributors in the damper are defined as follows.
The hydraulic orifice equipped with a magnetic valve that suppresses the MR fluid
flow in a controllable way during operation of the damper. The compressed gas,
separated from the MR fluid by a cylindrical diaphragm, acting as a pneumatic
spring. The sealing on the piston and the piston shaft which generate the friction
force.
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Figure 3.2: Elements responsible for contributing to the shaft force in the MR
damper.

The total force generated by the considered MR device during compression
mode is interpreted as a combination of three groups of forces acting in the process
(Fig. 3.2):

1. Hydraulic force that is a result of fluid pressure’s drop between chambers
above and underneath the piston.

2. Pneumatic force that is generated due to compression of the gas chamber
placed in the lowest part of the housing.

3. Friction force that is generated on the sealing surface of the piston shaft and
on the surface between the piston and the inner surface of the cylindrical
part of the housing.

3.3 Analytical model of the MR damper

On the basis of the analysis of the forces acting in the damper presented in
Sec. 3.2, a 2DoF model of the system was proposed. The model presented in
Fig. 3.3 contains a set of simple mechanical elements that reflect all reactions
of the damper as defined in Sec. 3.2. The DoFs described by the model are
displacement of the piston shaft x2 and displacement of the diaphragm in the
cylinder x3.

The following types of forces were taken under consideration during formula-
tion of the diagram (Fig. 3.3):

Ff - friction force dependent on sgn(ẋ2) . The force is the reaction generated
on the contact surfaces between piston shaft and sealing and between the
piston and cylinder housing.

Fp1(x2) - pneumatic force dependent on x2 . The force is generated by the
gas spring due to decreasing of the cumulative volume in the housing as an
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Figure 3.3: Model of the MR damper.

effect of moving the piston shaft inside the cylinder. The effective reduction
of the gas volume results in increase of the contribution to the total force.

Fp2(x3) - pneumatic force dependent on relative displacement x3. The force
is generated due to compression of the gas spring by the pressurised fluid
above the diaphragm during fast cycles of the damper.

Fh(ẋ2 − ẋ3) - hydraulic force dependent on relative velocity ẋ2 − ẋ3. The force
is generated due to resistance of the MR fluid flow through the orifice in
the piston.

In order to analyse the MR damper, the following set of equations of motion
was formulated:

Ftotal = Ff (sgn(ẋ2)) + Fp1(x2) + Fh(ẋ2 − ẋ3),

Fh(ẋ2 − ẋ3) = Fp2(x3).
(3.1)

It was assumed for the analysis that the damper is weightless. The model for-
mulated above was identified using results of experiments where the MR damper
was excited with constant velocities. For further tests during which the MR
damper was excited with an impact loading, another dynamic scheme and set of
equations of motion were formulated.

Fig. 3.4 depicts the dynamic scheme of the MR damper on a drop machine.
Additionally to the model formulated for the MR damper, an inertial elements:
M1 and M2 were added. M1 represents a drop mass used in the experiment.
M2 represents concentrated mass of the MRDs piston head. The force Fr acting
between elements M1 and M2 is generated by a rubber bumper placed on the
impact interface.

Equations of motion for the model are formulated as follows:
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Figure 3.4: Model of the MR damper under impact loading.

M1ẍ1 = M1g − Fr(x1 − x2),

M2ẍ2 = M2g + Fr(x1 − x2)− Fh(ẋ2 − ẋ3)− Fp1(x2)− Ff ,

Fh(ẋ2 − ẋ3) = Fp2(x3).

(3.2)

In order to keep consistency of assignment with the previously formulated
model Eq. (3.1) the additional degree of freedom representing motion of the mass
M1 was stated as x1. All of the contributing forces are formulated in accordance
to physical laws for the phenomenon they represent and are presented in the
following sections of the work.

3.4 Formulation of pneumatic force Fp1

The pneumatic force Fp1 depicted in Fig. 3.3 represents the force that is generated
as an effect of gas compression inside the MR damper’s cylinder. The force Fp1

exclusively depicts the reaction for the reduction of the gas volume inside the
cylinder due to motion of the piston shaft inside the cylindrical housing. The
exact value of the gas volume reduction is calculated on the basis of the shaft
geometry and its position.

Fig. 3.5 represents a schematic cross-section of the MR damper where move-
ment of the piston shaft is denoted with variable x2, in consistency with the
models formulated in Sec. 3.3 . The spring gas was modelled with an isothermal
polytropic law of gas compression [17] :

pV n = const. (3.3)
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Figure 3.5: Compression scheme of the MR damper.

The force generated by the compressed gas on the piston shaft is caused by
the pressure acting on the area that is equal to the cross-section of the piston
shaft. The equation of force equilibrium is formulated as follows:

Fp1 =

(
p1 +

∂p1

∂x2

δx2

)
Ar. (3.4)

p1 is the initial gas pressure in the gas chamber, Ar – area of the piston shaft
cross section. When we define:

p21 = p1 +
∂p1

∂x2

δx2 (3.5)

and substitute to Eq. (3.4), then:

Fp1 = p21·Ar. (3.6)

Here: p21 - actual gas pressure increased as an effect of the volume reduction due
to the piston shaft insertion.

On the basis of the assumed gas law Eq. (3.3) one can derive:

p21 = p1


V1

V2




n

= p1


 V1

V1 −Arδx2




n

. (3.7)

V1 denotes initial volume of the gas and V2 is an actual volume of the gas.
Thus, the force generated on the piston shaft equals:

Fp1 = p1Ar


 V1

V1 −Arδx2




n

, (3.8)

where: Fp1 - pneumatic force 1, p1 - intial gas pressure, δx2 - piston shaft dis-
placement, n - polytropic coefficient.
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3.5 Formulation of pneumatic force Fp2

During compression mode of the MR damper’s operation the fluid is pressed
through the orifices in the piston from the lower chamber to the upper chamber.
The process provokes a rise of the oil pressure gradient between upper and lower
chamber. In the case where velocity of the piston reaches a critical value, the
fluid’s flow through the orifices is so limited that the pressure of the oil in the
lower chamber equalises and starts to exceed the pressure of the gas below the
diaphragm. In consequence, the gas starts to be compressed and changes its
volume. The movement of the diaphragm between oil and the gas is described in
the model depicted in Fig. 3.5 by the variable x3. The resultant force generated
on the piston shaft is denoted Fp2. The gas state is defined in a similar way as it
was defined in case of pneumatic force Fp1 (formulated in Eq. (3.8)). The force
generated on the piston shaft in this process can be stated as follows:

Fp2 =

(
p1 +

∂p1

∂x3

δx3

)
Ap. (3.9)

When we define:

p22 = p1 +
∂p1

∂x3

δx3, (3.10)

then:

Fp2 = p22Ap, (3.11)

where: p22 – actual gas pressure increased as an effect of the volume reduction
due to the diaphragm motion, Ap – area of the piston cross-section equal to the
effective diaphragm area.

On the basis of the assumed gas state law Eq. (3.3) the following relation can
be derived as follows:

p22 = p1


V1

V2




n

= p1


 V1

V1 −Apδx3




n

, (3.12)

thus:

Fp2 = p1Ap


 V1

V1 −Apδx3




n

, (3.13)

where: Fp2 - pneumatic force 2, p1 - initial gas pressure, V1 - initial gas volume,
x3 - displacement of the diaphragm, n - polytrophic coefficient.
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Figure 3.6: Friction force characteristics.

3.6 Formulation of friction force

The friction surfaces that were taken under consideration during analysis of the
damper were: surface of contact between the piston shaft and sealing as well as
contact surface between the piston and inner cylinder surface. Due to the fact
that the damper was assumed to be excited in the axial direction exclusively, the
friction forces were decided to be modeled by Coulomb friction law as described
in Eq. (3.14) and depicted in Fig. 3.6,

Ff = Fcfsgn(ẋ1). (3.14)

For the purpose of numerical implementation the friction force model Eq. (3.14)
was modified and an approximated form of the model was formulated in the fol-
lowing way:

Ff = Fcf tanh(sẋ1), (3.15)

noting that Fcf - friction force coefficient, ẋ2 - velocity of the piston, s - factor
determining the model’s approximation.

Fig. 3.6 presents two curves, the first of which depicts Coulomb friction (solid
line) and the another (circled line) represents the approximation in the form of
continuous function formulated in Eq. (3.15).

3.7 Formulation of the hydraulic force

Hydraulic force is generated in the damper because of the fluid flow resistance
through the annular orifice in the piston. The hydraulic force measured on the
shaft results from the fluid pressure gradient between lower and upper chamber
(see Fig. 3.5). The pressure gradient depends on the character of the fluid flow
through the orifice. In the considered damper the MR fluid is utilised in order to



50 CHAPTER 3. MODELLING OF MRD

obtain a possibility of influencing of the character of the flow and then to have a
controllable damping force.

The MR fluid flow phenomenon was the topic of investigation presented in
Chapter 2. It was shown that depending on the distribution of the magnetic
flux across the orifice, the fluid’s flow modelling should be conducted in the
appropriate way. The key aspect that should be considered is the assumption of
linear or nonlinear distribution of the magnetic flux lines across the orifice. As
it was stated in the previous chapter, this aspect can significantly influence the
resultant flow rate in the analysed problems.

For that reason the first analysis given in this section concerns magnetic
properties of the magnetic circuit in the MR damper. On the basis of the result,
the decision will be taken if the magnetic flux lines can be assumed to be linearly
distributed across the orifice or not. The following steps are devoted to the topic
of prediction of the phenomenon with the chosen model.

3.7.1 Analysis of the magnetic circuit in MRD

A finite element model of the damper’s magnetic circuit was developed. This was
built using FEMM [40] and the corresponding model is shown in Fig. 3.7. This
is an axisymmetric model, which accounts for the magnetic circuit made of pure
iron, and the flux leakage into the surrounding air. The housing and the piston
rod were assumed to be made of steel. The geometry of the damper’s parts were
taken from an analysis of the real object performed in the Warsaw University
of Technology [83]. The coil was assumed to have 66 turns of copper wire with
diameter 1 mm on the basis of geometrical analysis. According to the results
presented in Fig. 3.7, the lines of magnetic field are closed in the piston and do
not interfere with the surroundings.

Fig. 3.8 presents magnetic flux density distribution in magnified region of the
piston. The flux density distribution within the orifices in the piston is constant
and uniform.

In accordance to the analysis given in Chapter 2, important factor that influ-
ences the flow rate of MR fluid through magnetic valves is the distribution of flux
density across the orifices. In order to discuss this parameter in the case of the
considered MR damper, two geometrical points were chosen (A and B depicted
in Fig. 3.8) on the borders of the orifice. On the line connecting these points
the magnetic flux density distribution was plotted for several values of current
excitation as depicted in Fig. 3.9.

As it is presented in Fig. 3.9, the flux density distribution along the distance
limited by points A and B is linear. Moreover, fluctuation in the values between
the chosen points is of the order of thousand parts of Tesla and does not exceed
2% of the average value for a chosen current excitation level. This result allows
to assume that the magnetic flux density within the orifice is constant across the
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Figure 3.8: Flux density analysis in the MR damper.

gap in the analysed MR damper.
In consequence it is justified to apply the Bingham constitutive model of the

MR fluid behaviour for prediction of the MR damper’s response.
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Figure 3.9: Distribution of the flux intensity in the cross-section of the orifice.

3.7.2 Flow of MR fluid through the annular orifice

The previous section was devoted to the analysis of the magnetic flux distribution
across the orifice in the analysed damper. It is now proved that the Bingham
constitutive relation can be adopted for modelling of the MR fluid behaviour in
the analysed device. This section is devoted to the analysis of MR fluid flow
through annular orifice that is present in the considered device.

As presented in Sec. 2.6.2, equation predicting the behaviour of the MR fluid
under steady flow conditions between parallel plates can be derived and it has
analytical solution Eq. (2.33) for the assumed conditions. An important assump-
tion here is that the fluid’s flow takes place between two plane surfaces only and
it is not affected by any borders. In the case of the considered MR damper, the
orifice of the magnetic valve is annular. It means that the flow of the fluid can
be considered as developed between two surfaces. In comparison to the model
presented in Sec. 2.6.2, it is assumed here that the inner and outer surfaces of
the magnetic poles in the piston can be treated as parallel and have equal areas.
The approximation is justified by the fact that the difference between the inner
diameters of the poles and consequently – the difference between the considered
areas of the poles, is less than 1%.

In accordance to the presented discussion, the behaviour of MR fluid within
the considered damper was decided to be predicted with equation derived on the
basis of the Bingham constitutive relation for the case of steady excitations, as
derived in Sec. 2.6.2.
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Figure 3.10: Constant velocity excitation stand.

3.8 Experimental verification of the MRD model

There were two general objectives for the experimental tests and therefore, the
tests were divided into two parts.

The first one aimed at identification of parameters of the models of the con-
tributing forces, which were formulated in the Sections 3.4, 3.5, and 3.6. The
parameters were identified in a series of intentionally designed experiments.

The objective of the second part of the experimental tests was to prove that
the proposed model is able to predict the behaviour of the considered MR device.
Within this stage of testing two types of experiments were conducted: steady
loading of the MR damper with a series of predefined velocities and second,
impact loading of the damper on a drop test rig. The experiments with the
steady loading were conducted in order to prove that the proposed model responds
correctly in a range of velocities and in a range of magnetic excitations values.
The experiments with the impact loading were conducted in the passive mode
of the damper’s operation. Here, the aim was to verify the model in dynamic
predictions. That test was conducted only for the passive mode because the used
model of the MR fluid flow was derived for steady flows and does not respond
appropriately in the dynamic analysis. However, the test of passive mode of
operation can validate the model for preliminary modelling of dynamic cases of
operation.
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Figure 3.11: Drop test stand.

3.8.1 Identification of the model parameters

The following sections demonstrate the methods used for identification of the
model’s parameters.

Friction forces

The friction forces, formulated in Sec. 3.6, were established on the basis of the
damper’s force measurement on the stand that allows to excite the damper with a
constant velocity (Fig. 3.10). The result of the measurement is shown in Fig. 3.12.
It presents a time history of the force measured on the damper’s shaft during
changing of the movement direction from compression to decompression. In the
figure, a double value of the friction force can be read as the difference between
the force levels before and after the turn. As a result, the friction coefficient’s
value was established for 35N .

Pneumatic spring

The full design details of the analysed damper are not published by the manu-
facturer, so parameters concerning the gas spring must have been estimated on
the basis of especially designed tests. In order to determine the gas pressure of
the pneumatic spring, the damper was subjected to a set of compression tests
with constant velocity close to zero. The procedure included compression of the
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Figure 3.12: Friction force measurement results.
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Figure 3.13: Pneumatic spring characteristic.

damper in a quasi-steady routine and measure the force on the damper’s shaft.
The low value of velocity in the test allowed to eliminate the influence of the
viscous reactions from the force measurement. The aim of the experiment was
the determination of a pneumatic force value Fp1 in the domain of displacement
of the piston rod, and identification of the gas spring model parameters on the
basis of the experimental results.

The result of the experiment is presented in Fig. 3.13. The graph depicts the
force measured on the damper’s shaft in the domain of the shaft’s displacement.
Since the velocity of excitation was very close to zero it was assumed that viscous
force can be neglected and the force measured can be interpreted as a sum of
pneumatic force Fp1 and friction forces Ff . On the basis of the assumed models
of the respective forces and taking into account the identified value of the friction
forces as well as inner geometry of the damper, the initial pressure of the gas was
identified as 1 MPa. The polytrophic coefficient was chosen to have the value
n = 1.1 on the basis of experimental analysis of a similar case reported in [15].
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Figure 3.14: MR damper modeling - passive mode of operation.

Hydraulic resistance

The hydraulic force (resulting from flow resistance through the orifice) model was
defined in Sec. 3.7. The experiment’s aim was to establish the fluid base viscosity
by means of comparison between the modelled values and the experimental data.
The fluid was assumed to be Newtonian and the damper was assumed to be
passive. The experiment contained an excitation of the damper with a cycle of
full compressions and decompressions of the device in steady conditions. The
compression phase of the test was executed for four velocities of the piston shaft:
0.1 mm s−1, 0.5 mm s−1, 1 mm s−1, 1.5 mm s−1. During the decompression phase
of the test the velocity was always kept on the same level of 0.5 mm s−1. The base
viscosity of the fluid in the analysed damper was identified in this experiment as
0.025 Ns m−1.

The results of modeling of the damper in the passive mode of operation is
depicted in Fig. 3.14. This plot compares the results obtained in the experiment
to the results of numerical modelling. Four levels of depicted forces relate to the
four velocities of the damper’s shaft executed in the test. The line that depicts
numerical simulation reflects disturbances that resulted from the fact that for
the simulation purpose, an experimentally obtained unprocessed data were used
as the model input. It was on purpose of having the most accurate result of
the numerical modelling. The experimental data used were the displacement and
force measured on the damper’s shaft in time. Thanks to taking advantage of
using the experimental data in the identification process, it was more accurate
since it was possible to avoid any inexactness that may have appeared in the case
of simulation of the excitation path.
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Figure 3.15: Force vs displacement with a constant velocity 11 mm/s, control
current 0A, 0.3A.
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Figure 3.16: Force vs displacement with a constant velocity 29 mm/s, control
current 0A, 0.3A, 0.6A.

3.9 Results and discussion

3.9.1 MR damper modelled as an adaptive device

Results of the experimental tests that aimed at checking the MR damper’s mod-
elling in the active mode of operation, contained excitation of the device with
several constant velocities for a series of various intensities of the magnetic field
excitations.

The results of comparison between the data obtained experimentally and the
data from modelling are presented in Fig. 3.15, 3.16, 3.17.

In the experiments the damper was compressed and fully extended with the
following velocities of the piston shaft: 11 mm s−1, 29 mm s−1, 65 mm s−1. The
velocities of the excitations are in the range that executes a steady flow of the
MR fluid in the device. This range of velocities was executed in accordance with
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Figure 3.17: Force vs displacement with a constant velocity 65 mm/s, control
current 0A, 0.3A, 0.6A.

the limitations that were assumed for the model of MR fluid’s flow in Sec. 2.6.2.
The control current was changed in the test in the range from 0 Amp to 0.6 Amp.
The plots presented in Fig. 3.15, 3.16, 3.17 prove that the proposed model reflects
the MR damper behaviour under steady excitation very well. The model predicts
the behaviour of the damper properly for the range of velocities and magnetic
field intensities.

3.9.2 MR damper under impact loading (passive mode)

The last performed test on the MR damper was subjecting it to an impact loading.
The objective of this test was to validate the correctness of the dynamic model
of MR damper formulated in the set of Eq. (3.2). During the experiment the
damper was mounted in a small drop test rig and loaded by dropped weight. The
parameters of the experiment were: drop mass M1=17 kg, mass of the piston
shaft and piston M2=0.5 kg, impact velocity v0=1.5 ms−1. The schematic view
of the rig is presented in Fig. 3.18. Comparison between the results of numerical
modeling against the measured force and acceleration are presented in Fig. 3.19
and 3.20.

The plot in Fig. 3.19 presents axial force measured on the piston shaft in
comparison with the data obtained via numerical simulation. The plot in Fig. 3.20
presents vertical acceleration measured on the piston shaft of the tested damper.
Exact positions of the mentioned sensors are depicted on scheme in Fig. 3.18.
The results of the test proved the capability of the model to predict the damper’s
behaviour properly in conditions of impact. Due to the fact that the implemented
model of the MR fluid’s flow was derived for situation of steady flow, the damper’s
behaviour was validated here only for the passive mode of operation. The result
of the validation has shown that the proposed model can be successfully exploited
in the initial phase of the designing process.
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with the measured forces are presented in Figure 18 and Figure 19
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Figure 3.18: Drop test stand scheme.
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Figure 3.19: Force on the damper shaft in time domain.

3.10 Summary of Chapter 3

An analysis of the MR damper’s design was presented in this chapter and an
analytical model was proposed. The model accounts for multi-physical nature of
the device’s operation and takes into consideration fluid mechanics, pneumatic
mechanics and friction mechanics that take part in the total force generation in
the damper.

The fluid flow analysis was based on the Bingham plastic body flow in accor-
dance with the presented discussion of applicability. The formulated model was
implemented numerically in a programmatic engineering environment and simu-
lated. The results of the simulation were verified against the experimental data
obtained from two laboratory stands developed during the project activities. The
first stand allowed to excite the damper in a steady velocity conditions and the
second stand enabled testing of the damper under impact loading. The results
presented prove that the proposed model can be used for the purpose of initial
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Figure 3.20: Acceleration of the damper shaft in time domain.

scaling and design of an MR device. The proposed model’s new feature lies in
the new multi-physical approach that was adapted and original interpretation of
the reactions interacting in the device.



Chapter 4

Fast execution of MR devices

4.1 Introduction

As it was stated in Chapter 1, introduction of an active system of energy ab-
sorption in the aircraft landing gears can be an efficient method for reduction of
the value of maximal loadings transferred on the fuselages during the touchdown
moment. The statistical gain coming from introduction of controlled LGs was
calculated as 16 % [13], which can be translated into significant elongation of the
service life of the aircraft.

The phenomenon to be under control in the landing gears is impact, which
lasts up to 200 ms in the case of military fighters [84]. For that reason the time
delay of the control system for active landing gears must be optimized to meet
the restrictions defined by the character of the impact.

In this chapter a discussion is presented in the field of fast actuation of adap-
tive shock absorbers, based on magnetorheological fluids and their potential ap-
plicability in the adaptive landing gears.

4.2 Execution time delays of MR shock absorbers

Active adaptation systems that are intended to operate in the conditions of im-
pact, must respond faster than the duration of the controlled phenomenon. The
actuation time delay should be at least 10 times shorter than the total duration
of the physical phenomenon. One of the potential actuation systems considered
for the case of adaptive impact absorbers is magnetorheological fluid (MRF).
The medium gives a unique opportunity of designing compact dampers (MRD)
with possibility of smooth changing of its damping force. The fluid changes its
properties when it is affected by an external magnetic field. However, the de-
vices require very careful design in order to withstand all the demands. The
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Figure 4.1: RL circuit of electromagnet.

main aspects, which have important influence on the MRD, are: (1) the design
of mechanical structure, (2) the design of magnetic circuit that should provide
magnetic flux on the required level, (3) selection of the adequate MR fluid which
should ensure necessary yield stress, (4) selection of the proper size and shape
of the housing in order to find the proper thermal balance and (5) – the total
response time of the MR device should satisfy the dynamic requirement of the
system under control. The total response time of MR devices depends on the
operation of the magnetic actuator. The actuating element in such a system is
a compact electromagnet. Intensity of the magnetic field is the factor, which
influences the behaviour of MRF. At the same time, the response time of the
electromagnet is the parameter that determines the time delay of operation of
the complete actuation system. Fig. 4.1 presents the simplest electrical circuit
that describes the electromagnet. Two parameters are crucial for the element:
resistance of coil R and inductance of coil L. The magnetic field’s density gen-
erated by the coil is proportional to the value of current in the circuit. In the
case of step response of the RL circuit (Fig. 4.1), the process of current rise has
the character depicted in the Fig. 4.2. The time of response of this system is de-
fined as reaching by the circuit 95% of the required current value. The governing
equation for the considered RL circuit can be written as follows:

L
di

dt
+ Ri(t) = U, (4.1)

and the solution can be found as:

i(t) =
U

R
(1− e−

R
L

t). (4.2)

The ratio L
R is called the time constant of the circuit and it is proportional to

the time required by the system to reach the steady-state value of the current:
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Figure 4.2: Step response of RL circuit.

τ =
L

R
. (4.3)

As it is presented in Fig. 4.2, the response time of the RL circuits can be
determined by the time constant. After a period equal to three time constants,
the current reaches the level of 95% of the required value.

The time response of the circuit can be influenced by the designer in the
following ways: reduction of the inductance L by limiting of the turns on the coil
in the electromagnet or by increasing of the resistance of the coil R. However,
the inductance L has by two orders of magnitude lower values in comparison to
the values of resistance R, which causes that adjusting of the resistance gives
more flexibility in optimisation of the circuit. The resistance of the coil can be
increased via reduction of its wire’s diameter, but the resistance of the whole
circuit can be also increased by adding an external resistance in series to the coil.
In this way the response time of the coil can be reduced. The consequence of
higher resistance of the circuit is higher voltage that must be provided to keep
the necessary level of current and induction.

In the case of fast systems, which require the time delays not longer than 1 ms,
the increase of the resistance would lead to voltages of the order of hundreds of
volts. Such high voltages eliminate this solution from many practical applications.
Other possible way of solving the problem of fast operation of the electromagnets
is application of a closed loop controller of the current level. The reduction of the
time response can be obtained via a method of adapting a temporal over-voltage
in the circuit [85, 86]. The RL circuits driven by higher voltage, approach the
adequately higher steady-state level of current with the same time delay as at the
level of lower voltage. It is the consequence of the fact that the time constant does
not depend on the voltage. As shown in Fig. 4.3, the current rate is higher in the
case of application of higher voltage. This feature can be utilised by adaptation
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Figure 4.3: Performance of improved RL circuit.

of the current level controller. The basic idea of the controller’s logical operation
is to perform the algorithm as follows:

U(t) =





Uhigh if I < Idemand,

Udemand if I ≥ Idemand.
(4.4)

An example of the controller operation is presented in Fig. 4.3. Voltage in-
creased 4 times in the preliminary period gave the reduction of time response of
the order of 15.

4.3 Example of controller

Practical example of the concept presented above was realised in laboratory con-
ditions as a part of the full control system for adaptive impact absorber. The
conceptual adaptive impact absorbing system was considered to consist of three
essential components: a set of sensors for recognition of the initial impact energy,
a micro-controller for executing the established control sequence in real time and
the adaptive actuator based on MR fluid [6]. The set of photo-sensors deter-
mined the velocity of the structure and specified its mass before the instant of
the impact. On the basis of the readings from the sensors, the micro-controller
was able to recognise the magnitude of the impact energy. The objective of the
control algorithm was then to adapt the actuator to the recognised impact en-
ergy. The adaptation of the absorption system was realised by taking advantage
of the features of a magnetoreological fluid. In the case of systems devoted to
absorption of the impact energy, an important fact was that the full period of
the phenomenon was not longer than 50ms (in severe cases), which specified that
the update rate of the integrated system (sensors, control unit and actuators)
should not exceed 4ms. For this reason, the closed-loop controller for the current
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circuit was introduced. The controller was developed on the basis of Field Pro-
grammable Gate Array (FPGA) - programmable hardware processing unit and
configured with the voltage type of power source. Using of the FPGA processing
unit allowed to decrease the period of execution of the logic operations to 5 µs per
operation, which allowed to introduce a feedback regulation of the current source.
Fig. 4.4 and 4.5 depict two examples of operation of the developed controller with
and without the current regulation unit. The graphs present an exemplary time
histories of the velocity sensor input and the generated control signals. The tasks
for the controller were: identification of the vertical velocity on the basis of the
signal from a photo-sensor, determination of the proper control signal sequence,
and application of the signal after minimal time delay. The cases on both the
graphs are characterised by an identical initial input of velocity photo-sensor,
which are represented by the channel number 1 in the Fig. 4.4 and 4.5. A dedi-
cated numerical algorithm recalculated the signal readings in order to determine
the impact velocity in the time between the end of the velocity signal and the
beginning of the control signal - depicted as channel 2. The controller performed
the required logic operations and generated the output signal after 40µs from re-
ceiving the velocity input signal (Fig. 4.4 and 4.5). The channel 2 in both graphs
in Fig. 4.4 and 4.5, depicts the time history of the control current generation by
the developed system. The response time of the current generation circuit deter-
mines the dominant time delays of the actuation system. In the case presented
in the both Fig. 4.4 and 4.5, the desired current magnitude to generate was 0.5
Amp. The plot in Fig. 4.4 represents the current generation process (channel
2), which is not regulated by the additional fast current generation unit, which
effects in time delay being equal ca. 15ms. In the graph in Fig. 4.5 the regulated
generation process is presented, which allowed to reduce the current generation
time delay to ca. 0.5 ms. The minimisation of the response time made it possible
to implement the MR device for the impact application, as the original response
time 15 ms gave no practical possibilities to control the process that lasts 50 ms
in total.

4.4 Summary of Chapter 4

An efficient method was presented in this chapter for reducing the time delays
of execution of MR devices. The physical analysis of the problem was presented
and example of a dedicated controller was demonstrated. It was shown in this
chapter that it is feasible to utilise the MR fluid in active landing gears from
the point of view of time of actuation. The controller presented in this chapter
will serve as one of the key devices in the analysis of control system for adaptive
shock absorber presented in the following chapter.
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Figure 4.4: Performance of a standard controller in time domain.

Figure 4.5: Performance of the improved controller in time domain.



Chapter 5

Control of AIA - feedback control

validation

The objective of this chapter is to present an integrated feedback control concept
for adaptive landing gears (ALG) and its experimental validation. The most
important aim here is to prove experimentally the feasibility of the AIA concept
on the example of MRF device.

5.1 Introduction

The control system for the adaptation of a landing gear is a challenging task to
design. The designer must take into account a series of aspects that cannot be
neglected, which are a result of the specificity of aircraft ground operations. The
control system design must consider the following three important problems.

The first problem is related to the duration of the phenomenon. In general,
the landing impact lasts between 50 and 200 ms, depending on the size of the
landing gear and the landing conditions. This short time period makes it difficult
to implement control strategies effectively as present actuators are not able to
respond fast enough. High response valves currently available on the market offer
the best time performance on the level of 10 – 12 ms operational delay in the
case of hydraulic valves, directly operated, with electrical position feedback [87].
When it comes to the pneumatic solutions, the fastest designs for valves give
the possibility of operation with the time delay equal to 12 ms in the version
with an additional pressure accumulator [88]. An important disadvantage of the
mentioned solutions is the fact that the standard valve weights are around 2.5 kg.
These were strong limitations in the field of application of the active solutions
to the adaptive impact absorbers. The proposed actuating system collaborating
with the designed hardware controllers is able to execute one control loop with

67
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approximately 4 ms delay. This means that the system is able to update the
control signal around 13 times in the case of 50 ms impact duration. If it is
assumed that 4 or 5 loops would be consumed for recognition of the process
conditions, then the remaining period would be insufficient for execution of an
efficient control process. Another important factor is that the impact is random
in nature. In contrast to a harmonic process, it is not possible to characterise an
impact on the basis of one period and to implement the proper control law for the
following periods of the process duration. In these circumstances it is necessary
to apply a control system in which the feedback control strategy is assisted by
an impact energy prediction unit. The energy prediction unit would process the
sink speed, position and the actual weight of the aircraft in order to provide an
estimate of the coming impact.

Estimation of the aircraft’s sink speed is presently achieved by using pressure-
based altimeters. However, much higher accuracy is required for the above pur-
pose. For this vertical velocity measurement (sink speed), the following instru-
ments are considered to be feasible: photo laser, low-power radars or ultrasound
sensors. The measurements of the actual mass of the aircraft can be conducted in
a passive or an active routine. The passive routine consists of storing data about
the aircraft’s take-off mass and its centre of gravity. This requires an estimation
of the fuel consumption before landing. The active method of mass estimation
can be realised via introduction of the real time mass identification system [89],
which enables identification of the actual weight loading of each landing gear
strut. When real-time mass identification is used with an integrated sink speed
measurement, it is possible to assess precisely the energy of the coming impact for
each wheel. This configuration would make it possible to establish the optimal
strategy for active energy dissipation of the whole structure.

The second problem to be considered for the design of the active landing
gear is calculation of the exact position of the aircraft during landing in relation
to the runway. The position is important since the impact energy dissipation
process must be significantly different, depending on whether the plane lands on
one or both main landing gears. The position of the aeroplane is continuously
monitored during flight by gyroscopic sensors but the measurements give the
absolute outcome, and it is not possible to calculate the exact position of the
aeroplane in relation to the surface of the runway. One method of conducting
these measurements is to integrate the height sensors with sink speed sensors on
each landing gear. This would enable monitoring of the 6 DoF position of the
aeroplane so that the landing gears could adapt more effectively to the coming
impact.

The third problem that must be considered in the design of active landing
gears is the spring-back forces that occur during touchdown. Spring-back forces
come from the acceleration of the wheels after contact with the runway surface.
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The circumferential velocity of the wheels must be equalised with the horizontal
velocity of the aircraft. The horizontal component of the load vector acting on
the landing gear causes bending of the strut. The deflected strut springs back
rapidly and increases seal friction within telescopic oleo-pneumatic landing gears.
This phenomenon introduces significant friction damping, which acts parallel to
the oleo-damping generated by the orifice. The influence of friction damping is
very difficult to predict since it varies with each landing and is dependent on
the horizontal speed of the aeroplane, the sink speed of the aeroplane, runway
adhesion, temperature and the exact 6 DoF position of the aeroplane. Prediction
of the exact value of friction is a very complex task and the result can be estimated
with significant error. In the case of a control system for which the damping force
would be treated as an input, the safest and most convenient solution is to use
a sensor that measures the total force generated by the landing strut, and to
modify it with the adaptive component. Control systems used in such a routine
were analysed and tested in the laboratory [58] but the measurement of the total
axial force in the strut is a challenging problem due to technological limitations
in real applications.

According to the presented discussion, the preliminary requirements for the
active landing gear control system are as follows. In connection with the fact
that the impact process duration does not exceed 50 ms in the most severe cases,
the control system must have the capability of recognising the impact energy
in advance in order to adapt the system before the process starts. The second
requirement is that the system (actuator + sensors + control hardware) must
have the capability to update its state within 4 ms in order to keep the control
system performance efficient. The third established requirement for the control
system refers to the feedback signal on which the control is based. The signal
must describe the total reaction of the landing gear during the process. One of the
possible signals can be the total interface force between the strut and the aircraft
structure [58], but the force sensor is difficult to assemble from a technological
point of view. In the case of landing gear shock absorbers it is possible to mount a
pressure sensor of the hydraulic fluid inside the chambers. However, the pressure
signal can give only information about the hydraulic shock absorbing force acting
on the structure. The signal does not give information about the frictional forces,
tyre forces or the spring back phenomenon. The parameter which gives absolute
information over the reactions of the fuselage and landing gear is the acceleration
measured at the top of each landing gear. This signal was chosen as the input
signal for the developed control system.

This chapter presents a proposition for the control algorithm for an active
landing gear and an algorithm for an integrated control system. The results were
obtained on a laboratory system integrated on the basis of an FPGA hardware
platform.
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5.2 Methodology

The conceptual adaptive landing gear system was considered to consist of three
essential components: a set of sensors for recognition of the initial impact en-
ergy (detection of: vertical velocity, the position of the aircraft with reference to
the surface of the runway, the mass of the aircraft [89]), a micro-controller for
executing the established control sequence in real time, and the adaptive actu-
ator based on MR fluid [47]. The set of photo sensors determined the velocity
of the structure in 6 DoF and specified its mass before the touchdown. On the
basis of the readings from the sensors, the micro-controller was able to recognise
the magnitude of the impact energy. The objective of the control algorithm was
then to adapt the actuator to the recognised impact energy. The adaptation
of the absorption system was realised by taking advantage of the features of a
magnetorheological fluid, which changed its effective viscosity according to the
subjected external magnetic field and was different to the previous approaches for
shock isolation [90]. This solution made it possible to control the resistance of the
fluid flow in the device and to execute the control algorithms by means of adapta-
tion of damping magnitude. In the case of systems devoted to absorption of the
impact energy, an important fact was that the full period of the phenomenon was
not longer than 50 ms (in severe cases), which specified that the update rate of
the integrated system (sensors, control unit and actuators) must not exceed 4 ms.
For this reason, a special control loop for the actuation circuit was introduced —
fast current generation subsystem.

The typical features of the control systems are controllability and observabil-
ity. Since the system considered in the experiment can be classified as Single-
Input-Single-Output (SISO) both of the conditions for controllability and observ-
ability are definitely satisfied [91].

5.3 Control objective

The objective of the considered control system is to minimise the transfer of
acceleration to the protected structure during impact. The optimal solution
requires analysis of the complete process in order to determine the lowest level
of force, which is optimal for dissipation of the impact energy of the recognised
magnitude.

Let us analyse the impact energy absorption process in a 1 DoF system by
the momentum transfer principle. Let us consider the process of impact energy
absorption as a structure that possess a certain linear momentum that must be
stopped. The process can be analysed as a transfer of momentum of the structure.
It is assumed that the initial velocity of the structure is known, the final velocity
is zero and the mass of the structure is invariant.

The motion of a structure of mass m subjected to a force F̄ can be described
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Figure 5.1: Optimization of an exemplary case of impact force distribution.

as

F̄ = m
dv̄

dt
, (5.1)

where
dv̄

dt
is the acceleration experienced by the structure.

The equation gives
∫ t2

t1

F̄ dt = m(v̄(t1)− v̄(t2)). (5.2)

The time integral of force represents the impulse of force and it describes the
transfer of the linear momentum mv̄(t) [92].

If we assume that the initial velocity of the structure v̄(t1) is known, and the
final velocity v̄(t2) = 0, then it is possible to derive the force required to stop the
structure in the assumed time interval t2 − t1:

∫ t2

t1

F̄ dt = −mv̄(t1). (5.3)

Let us analyse an exemplary force impulse acting on a 1 DoF system (Fig. 4.5)
as a time history of an impact with a maximum force value of 1 kN. Having as-
sumed that the complete process for the analysed impact energy has to satisfy
Eq. (5.3), the optimal process of the momentum transfer is depicted as the ”op-
timal dissipation process” in Fig. 5.1. The maximal force level in the considered
example was decreased by over 36%.

However, in practice it is not feasible to obtain a constant level of the force
acting on the structure during the impact if we take into account the beginning
and end of the process. Fig. 5.1 also shows a feasible force/time path (’feasible
dissipation process’) that satisfies the physical limitations of a real system. Here,
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Figure 5.2: Configuration of the damped oscillator at the instant of impact.

the same amount of momentum as for the exemplary case is transferred and the
maximum force is reduced by 30%.

As the force is directly related to the acceleration, it is possible to derive
the structure’s optimal acceleration path during the impact absorption process.
When the considered objective is to minimise the maximum load transferred to
the structure, a constant acceleration level is most desirable.

5.3.1 Control methodology

The control methodology was based on an energy balance of the system. The
assumption was that the total mechanical energy of the falling structure must be
transferred to the shock absorber during its first stroke. This requirement is valid
since we assume that by the end of the first stroke, the structure must change
the sign of velocity in the vertical direction, which is equivalent to a complete
transfer of energy.

Let us consider a non-conservative one-degree of freedom system in which the
stroke is limited by xp, which is analogous to the structural limitation existing in
the real design (Fig. 5.2). Let us assume that the mass of the structure is known
and invariable in time and that the initial impact velocity of the structure is
known (measured). The initial mechanical energy of the system can be described
as a sum of the kinetic and potential energies within the structure, which it stores
at the moment of beginning the dissipating device deflection:

Em = Ek + Et. (5.4)

The potential energy contribution must be considered in the total energy to be
dissipated as the energy is not transferred instantaneously. The following analysis
will demonstrate the influence of the potential energy of the system. In the case
of the invariable mass (e.g. 60 kg used in the experiments) the contribution of
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Impact velocity Mass Stroke Ep energy
No (ms−1) (kg) (mm) Ek(J) Ep(J) Em(J) contribution %
1 0.5 60 50 7.5 29.4 36.9 79.0
2 1.5 60 50 67.5 29.4 96.9 30.0
3 3.0 60 50 270.0 29.4 299.4 10.0
4 4.5 60 50 607.5 29.4 636.9 4.6

Table 5.1: Influence of impact velocity on the energy balance of the structure.

0
0.01

0.02
0.03

0.04
0.05

0

1

2

3

4

5

0

10

20

30

40

50

60

70

80

Impact velocity [m s−1]
Stroke [m]

Figure 5.3: Potential energy contributions in the initial impact energy in relation
to the total stroke of the shock absorber and initial impact velocity.

the potential energy in the total mechanical energy of the structure before the
impact depends strongly on the initial velocity of impact. The contribution is
more significant in the range of lower impact velocities. An example of the total
mechanical energy of the system for a fixed stroke of absorber and invariable
mass of structure is presented in Tab. 5.1.

The potential energy contribution to the total mechanical energy balance
decreases with an increase in the initial impact velocity and with a decrease in
the absorber’s stroke. The maximum contribution of the energy can reach 80%
for small impact velocities (Fig. 5.3). In the case of the lowest stroke assumed
(5 mm), the contribution for the highest velocity was 0.46%, but in the case of a
small impact velocity, the contribution was up to 26%. The analysis shows that,
even for small effective strokes of the absorber, the contribution of the potential
energy to the total energy is significant and can reach 26%.

In the experimental part of this study the effective stroke was 50 mm, which
gave a significant variation in the potential energy contribution: 4.6 – 7.9% as
presented in Tab. 5.1. This discussion proves that the potential energy is not a
negligible contributor to the total mechanical energy of the considered system.
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The total mechanical energy of the structure is intended to be transferred
to the shock absorbing device. In the considered case of damped oscillator, the
mechanical energy is transferred in two ways: dissipation via the viscous damper
c and accumulation via the spring k. The transformed energy can then be denoted
as

Et = Es + Et. (5.5)

It is assumed that the entire mechanical energy is transformed by the shock
absorber in order to make the absorption process efficient:

Em ≡ Et. (5.6)

According to that condition the entire impact energy is dissipated or accumulated
during the process.

In accordance with the conservation of energy principle, the energy can be
transferred into other forms by means of work done on the system, which gives
the following result:

Em ≡ Wi = (Fd(ẋ) + Fs(x))·x(t)). (5.7)

The work W is done by the forces: Fd(ẋ) (damping force) and Fs(x) (spring
force) on the displacement x(t).

Consequently, we assume that all the mechanical energy of the system is lost
due to the dissipative action of the shock absorber and stored due to accumulative
action of the shock absorber. The objective is then to consume this mechanical
energy on the assumed effective stroke seff .

The optimal situation is when the force is constant during the impact and we
can calculate this optimal dissipation path as follows:

The transfer of energy is equivalent to the work done by the impact system:

Wi =
∫ x2

x1
F̄ dx, (5.8)

where F̄ = F̄d + F̄s.
Since the whole mechanical energy of the structure must be transferred,

Wi ≡ Ek + Ep. (5.9)

After integration of the above relations, the optimal force level for the 1 DoF
impact system can be defined as:

Fopt = Fd(ẋ) + Fs(x),

Fopt =
Ek + Ep

seff
.

(5.10)
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This force level can be used as a reference for the active landing gear control
algorithm.

The effective stroke seff can be calculated from the assumption that by the
end of the stroke, the force in the strut can be formulated as follows:

Fopt = Fs(seff ). (5.11)

Then, after substitution of Eq. (5.11) into Eq. (5.10) the seff can be calculated
from the following equation:

Fs(seff ) =
Ek(v0) + Ep(seff )

seff
, (5.12)

where v0 is the structure’s velocity at the moment of impact.

5.3.2 Control algorithm

A feedback control algorithm was developed for the 1 DoF adaptive shock ab-
sorber, which can operate with two input signals: axial force value and acceler-
ation value. The algorithm is divided into two phases — first before and second
after the instant of impact. During phase I, parameters of the impact are recog-
nized, and during phase II, the control of the process is performed.

Algorithm details:
Phase I — before impact
(1) Determination of the initial impact velocity v0 of the falling structure.
(2) Determination of seff :

Fopt =
Ek(v0) + Ep(seff )

seff
,

Fopt = Fs(seff ).

Taking into account the following constraint:

Fs(seff ) > mg,

where: m – mass of the structure and g – gravitational acceleration.
(3) Determination of the optimal required level of the absorption force on the

considered effective stroke:

Fopt =





Ek(v0) + Ep(sl)
sl

if seff > sl,

Ek(v0) + Ep(seff )
seff

if seff > sl,

where sl is the maximum stroke permissible by the structural limits.
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(4) Determination of the desired deceleration value for the considered mass
of the structure:

ad =
Fopt

m
.

(5) Determination of the desired reference level of deceleration during the
process:

aC = ad − g.

Phase II — after impact
(6) At the instant of impact, start control of the adaptive damper in order

to develop the desired level of deceleration and in the feedback routine (on-off
control)

Ctrl(t) =





CHigh if am(t) < aC ,

CLow if am(t) > aC ,

where am(t) is the actual measured value of the structure’s acceleration.

5.4 Laboratory control system configuration

The feedback control system was designed in order to execute the sequence of
tasks presented in Fig. 5.4. These were: recognition of the impact energy on the
basis of the initial velocity and mass of the falling structure (velocity sensor),
determination of the optimal acceleration value for the adaptive impact absorber
and execution of the control signal in the closed loop during the process (acceler-
ation sensor feedback). The objective of the feedback control loop was to regulate
the damping of the actuator in order to maintain the optimal acceleration level
with reference to the identified impact energy and the stroke of the adaptive ab-
sorber. The feedback signal was acceleration of the structure. The designed and
realised controller was implemented on an FPGA platform, which executed the
on-off controller. Execution of the feedback loop was accelerated via introduction
of an additional current control loop. This monitored the actual control current
level and regulated it in order to shorten the response delay of the system (fast
current generation — Fig. 5.4). This current control loop reduced the current
generation time to 500 µs (for 1 A level).

The proposed control algorithm was implemented on the FPGA hardware
platform (cRIO) and verified experimentally on a small laboratory drop test
bench (Fig. 5.5). A lab-scale model of an adaptive impact absorber was de-
signed and fabricated by making use of an MR Damper manufactured by LORD
Corporation [47].

In the experiment the mass of the structure was assumed to be known and
invariable. The first component of the control system was a photo-logic switch,
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Figure 5.4: Feedback control system based on acceleration signal.

Figure 5.5: AIA test bench.

which was adapted to detect the approaching drop-mass and its corresponding
velocity. In the considered case, the direction of the velocity vector was invariant
due to the guidance rails used in the laboratory stand (Fig. 5.5). The data from
the photo-sensor was fed forward to the FPGA electronic control unit, which
was the second component in the system. The FPGA control unit executed
the proposed on-off control algorithm and the fast current generation subsystem.
The signals characterising the performance of the adaptive shock absorber and the
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course of the events were monitored and acquired via a separate system operating
in a real-time routine (Fig. 5.6).

5.5 Results

Results of the conducted experimental verification depict two algorithms that
were validated. The first part of the section consists of graphs characterising
the execution of the acceleration feedback control on the experimental stand.
The second part of the section presents the second control algorithm, which is
a modified version of the acceleration feedback control. The modification was
introduced in order to perform control of the recoil stage of the impact absorption.

Fig. 5.7 shows a typical result that was acquired on the drop test stand,
which illustrates the operational principle of the developed controller. The graph
depicts the time history of acceleration of the falling 1 DoF structure as well as the
time history of the control signal that was fed forward to the MR adaptive shock
absorber. The reference signal for the controller was an acceleration of the mass
equal to 5 ms−2 (dash dot line, Fig. 5.7). The controller signal was switched any
time the acceleration signal crossed the reference level. The lower graph (Fig. 5.7)
gives an overview of the controller’s execution. It is shown that the acceleration
of the structure was successfully modified by the controlled MR damper every 5
ms, which gives the control frequency rate as 0.2 kHz. It is worth noting that 0.2
kHz is the operational frequency of the complete integrated control system. In
order to reach the result, the total time delays of the actuator, sensors and the
amplifier must have been minimized to rates below 1 ms.

Fig. 5.8 presents acceleration and velocity of the falling structure in time
domain. The acceleration plots were obtained from the acquired data and the
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Figure 5.7: Example of the control execution for the reference acceleration level
equal to 5 ms−2.

velocity plots were obtained via numerical integration of the acceleration signal
in the time domain. The third graph shown in Fig. 5.8 represents the measured
displacement of the shock absorber’s piston. All graphs depict the same phenom-
ena recorded by different sensors and for that reason these are presented in the
same time plot. However, the data measured from the piston can be inconsistent
with the signal acquired on the falling mass due to kinetic incompatibility —
the structures were not connected by a stiff joint. Nonetheless, the characteristic
time points of the process can still be analysed even though the measurements
are not strictly consistent.

Each plot compares the results obtained for two cases: without active control
(control–off) and with active control activated (control–on). The control–off case
is representative of the behaviour of a classical passive device with linear spring
and viscous damper. The impact energy was higher than it was possible for the
passive shock absorber to absorb, which resulted in a structure-housing collision.

The data acquisition was triggered 5 ms before the moment of impact. The
acceleration of the free falling mass was around -10 ms−2 and the velocity was
reaching the initial level of 0.95 ms−1. The denoted time instant t1 (also illus-
trated in Fig. 5.9) corresponds to the moment when the falling structure first
contacted the shock absorbing device. In accordance with the previously derived
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Figure 5.8: Kinetics of the analysed 1 DoF system in time domain.

control strategy, the reference acceleration of the structure was set to 12 ms−2.
The process of the passive and active energy dissipation was similar up to the
time instant t2 at which the non–controlled acceleration started to decrease (t2,
Fig. 5.8). After time t2, operation of the control system is visible by the path of
the solid line. Between the time instants t2 and t3, the acceleration is kept close
to the determined reference level 12 ms−2. The difference in the acceleration
paths allowed the structure to be stopped after 36 mm of displacement with-
out crossing of the maximal admissible acceleration level. For the non-controlled
structure the acceleration level was decreasing throughout the duration of the
impact. The result was that, at time instant t3 = 0.11 s (illustrated also in
Fig. 5.9), a collision occurred between the structure and the housing because the
displacement of the piston reached the maximal value -0.05 m. The collision with
the housing resulted in an unfavourable rapid increase of the acceleration. This
sudden impact did not immediately reduce the velocity to zero because of the
protection assured by the rubber bumper mounted in the system.

c
The graphs in Fig. 5.8 show that the implemented control system can dis-

sipate the previously defined impact energy without exceeding the permissible
acceleration, whilst maintaining a 30% lower stroke than the limit value. The
results illustrate that it is feasible to develop an effective feedback control system
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Figure 5.9: Pictures of the experimental set-up taken with a fast digital camera.

for adaptive impact absorbers based on MRF.
Fig. 5.10 illustrates the difference in the falling structure kinematics which

was obtained thanks to the introduction of the control system. The passive case
is depicted by the dotted line. The initial velocity 0.95 ms−1 was reduced linearly
in the domain of displacement. The non-optimal design of the shock absorber
for the tested impact energy resulted in the collision of the structure with the
housing, which took place at the limit displacement of 0.05 m. The dashed line
in the graph denotes the velocity of the structure at the moment of collision with
the housing: -0.28 ms−1.

The solid line in Fig. 5.10 depicts the process of the controlled impact energy
absorption in which the acceleration of the protected structure was kept around
the referenced level 12 ms−2. It is shown that the introduction of the acceleration
control feedback reduces the velocity of the structure to zero within 37 mm of
the total stroke and without exceeding the maximum acceleration of 14 ms−2

(visible also in Fig. 5.11).
It is proved that 1 DoF impact absorption systems can be controlled us-

ing force feedback control systems [58]. During the experiments conducted in the
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Figure 5.10: Phase plot of the falling structure for the cases ’control–off’ and
’control–on’.

present research, the force and acceleration signals were measured and compared.
In the theory, the signals should be proportional in accordance to Newton’s ba-
sic laws of dynamics. However, due to the kinetic incompatibility between the
structure and the piston of the shock absorber (existence of the bumper on the
interface), the proportionality was disturbed at the moments when the accel-
eration was changing its sign. As shown in Fig. 5.11, the interface force and
acceleration are proportional for most of the process’s duration. The measured
acceleration has a particularly stable value and gives a more reliable overview of
the structure’s kinematics. Since the objective of the control system is to prevent
the loads transferred to the falling structure from exceeding the admissible level,
it is more valuable to monitor the acceleration signal of the structure. This gives
accurate information throughout the impact process and can therefore be used
as an effective signal for the control input. In Fig. 5.11, it can be seen that the
acceleration profile is free from rapid disturbances that are visible in the force
profile in the same periods (without taking into account the acquisition noise).
It is also very important that the acceleration signal relates to the absolute value
of the structure’s kinematics. In contradiction, the force signal represents always
a resultant of two reactions: the structure and the interface material, which is
placed on the impact surface (in this case, the rubber bumper).

So far, the considered control algorithm focused on the first compression
stroke that occurred right after the impact instant. In what follows, the con-
trol of the recoil phase of the impact absorption is analysed. The original control
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Figure 5.11: Acceleration and force comparison.

algorithm assumed that the piston would start the recoil move smoothly after the
first period of energy absorption. However, energy is stored due to compression of
the rubber bumper, and at the moment when the piston stops, this stored energy
is released. Consequently, the structure is lifted rapidly and starts to oscillate
in an undesirable manner. The objective of the proposed control algorithm is to
mitigate these oscillations.

Since the energy stored in the rubber bumper can only be released by ex-
tending the element, it was proposed to direct the process towards the shock
absorber in order to dissipate it. The heuristic algorithm assumed that, after
the monitored acceleration crosses level zero, it determines that the spring in
the system is maximally compressed and it supports the fallen structure. At the
same period the energy stored in the rubber bumper must be released. To do
this in a controlled routine, it was proposed to decrease the viscous resistance
of the damper below the inertial force of the structure, so that the bumper can
compress the shock absorber and dissipate the stored energy.

Fig. 5.12 presents a comparison of the system response under the original
and modified control algorithms. The analysis was conducted on the basis of
differences in the piston displacements, structure accelerations and the interface
forces occurring during the recoil phase. The first and second graphs (Fig. 5.12)
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Figure 5.12: Results of the recoil stage control.

depict the difference in displacements after introduction of the modified control
algorithm. In the considered case, the effect was to increase the compression
of the AIA by 1 mm. In the case of a landing gear, it would be slightly more
than this but it would never exceed 3% of the total stroke of the landing strut.
The third graph illustrates the improvement in the acceleration response of the
oscillating mass. Here, the peak-to-peak acceleration level has been mitigated
by 40%. The fourth graph (Fig. 5.12) illustrates the minimisation of the force
oscillations. As shown, the peak to peak force has been decreased by 40%.

The operational principle and results of the control system implementation
are the same for the acceleration input signal and for the total axial force input
signal to the control unit. However, acceleration measurements are easier to
conduct in real applications. The effect of the introduction of the control system
upon the shock absorber was presented in [58] in the example of minimisation of
the transferred loads.

Fig. 5.13 illustrates experimental results of the operation of the adaptive
impact absorber integrated with the developed control system (for axial force
input signal [58]) and its influence on the energy dissipation process. The plot
depicts the impact forces’ history on the device presented in the domain of the
displacement of the piston. The figure presents a comparison between three
cases of the equal energy impact absorption events: non-adapted, adapted and
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Figure 5.13: Comparison of three experimental energy dissipation processes [58].

controlled. The non-adapted case represents the situation when a passive impact
absorber was optimized only for the high critical energies and then loaded with
impact of lower energy. Initially the process had a non-desirable character from
several point of views. Because of high viscous resistance of the system, the piston
moved on a shorter distance than available and a large portion of the energy was
stored in the elastic bumper. The energy was released in an undesirable way after
stopping the device (high force peaks visible on the ’non-adapted’ curve between
20 and 25 mm of displacement). The adapted case represents a situation when
the impact absorber was adapted and realised the control strategy, in which
the AIA’s damping force was held on a pre-selected constant level during the
whole duration of the dissipation process [58]. The controlled case represents
the situation, when the adaptive impact absorber realized the feedback control
strategy. The gain, reached thanks to introduction of the adaptive strategy, was
reduction of 20% of the maximal dynamic forces level. However, the process
of the energy dissipation was not performed optimally as the dynamic forces
fluctuated significantly during the process. The effect of the forces’ variation was
further reduced by introduction of the feedback control strategy, which resulted
in a further 10% reduction of the maximal dynamic forces transferred on the
protected structure.



86 CHAPTER 5. CONTROL OF AIA - FEEDBACK CONTROL VALIDATION

5.6 Summary of Chapter 5

The chapter was focused on the problem of damping force control in the landing
struts and experimental validation of its feasibility. The following points conclude
the results:

(1) The proposed feedback control algorithm was shown to be valid for the
adaptive impact absorber and was proved to reduce the impact forces by 30%.

(2) It was proved to be feasible to have the actuation of the MR devices
in a period shorter than 5 ms. The developed control system was validated by
controlling the MR device with a 200 Hz update rate.

(3) The proposed methodology of the damping force adaptation in shock
absorbers was proved to be an efficient method of increase of the energy absorb-
ing capability. Acceleration feedback control of the AIA reduced the required
stroke of the shock absorber by approximately 30%, which effectively improved
its energy-consuming.

(4) Acceleration of the falling structure was shown to be an effective input
signal for the control system of AIA.

(5) Introduction of the double-stage control strategy to the algorithm resulted
in a 40% reduction in the after-process oscillations, as the effect of intelligent
dissipation of energy stored in the elastic elements of the mechanical system.

The objective of the presented chapter was to answer the question whether
it is possible to control effectively and fast enough the damping force of a shock
absorber. The time limitation here was an important factor as the total time of
the impact was shorter than 100 ms. Such durations are a strong limitation for
many actuation systems. The analysed case did not take into account the flexi-
bility of the aircraft’s structure but with the obtained dynamics of the actuation
the proper strategy is possible to be implemented.



Chapter 6

AIA’s potential for improvement

6.1 Introduction

This chapter is devoted to the numerical and experimental analysis of poten-
tial improvement that could be obtained on aeroplanes thanks to employment of
the adaptive impact absorber based on the magnetorheological fluid. The anal-
ysis was performed on the example of an existing small passenger aircraft I-23
Manager designed by Institute of Aviation in Warsaw. As the reference, a perfor-
mance of presently utilised nose landing gear was employed. The performance of
the landing gear with employed the control methodology introduced in the previ-
ous chapter, was compared to passive shock absorber’s model and to feed forward
control strategy based on the existing landing gear. As a result, an assessment
of relative improvement for the aeroplane was obtained.

The following section states the numerical model used for reflection of the
aeroplane’s passive behaviour and validates it against measured data obtained
during testing sessions conducted in Institute of Aviation. Next, the control
strategies used to minimise the peak strut force are discussed. Finally, the po-
tential for improvement is estimated and compared to the experimental results.

6.2 Numerical model

For the purposes of this analysis, the adaptive landing gear (ALG) is represented
by a 2 DOF system, shown schematically in Fig. 6.1, and modelled by the fol-
lowing set of equations (a modified version of the equations derived by Milwitzky

87
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Figure 6.1: Free-body diagram of landing gear (aircraft, strut and wheel).

and Cook in [15]):

m1z̈1 = m1g − FS −mgL,

m2z̈2 = m2g + FS − FG,

z1(0) = z2(0) = 0,
ż1(0) = ż2(0) = v0,

(6.1)

where m, m1 and m2 are respectively total, upper (aircraft) and lower (wheel)
masses (m = m1 + m2, m2 = 8.71 kg); z1 and z2 denote their vertical displace-
ments from initial contact; L denotes the lift factor (L = 0.667 [12]); FG is the
vertical force acting on tire at the ground; FS is the total axial strut force, and
v0 denotes the initial landing sinking velocity.

The mass m and the sinking velocity v0 are limited [93] by

288 kg = mmin ≤ m ≤ mmax = 422 kg,
0 m/s = v0(max) ≤ v0 ≤ v0(max) = 2.93 m/s.

(6.2)

For the assumed detailed statistics of the landing mass m and the sinking velocity
v0, see Section 4. The mass m is the reduced mass (mass per landing gear) and
is less than the total landing mass of the aircraft. The upper bound of 422 kg
corresponds to the maximum I-23 design landing mass of 1117 kg and the lower
bound of 288 kg was chosen to be proportional to the mass of an empty aircraft
with a pilot [93].

The dynamic tire force–deflection characteristics of the I-23 nose LG, denoted
in Eq. 6.1 by FG, has been obtained by fitting experimental data measured in
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Figure 6.2: Measured and fitted tire force–deflection characteristics (I-23 nose
LG).

three dynamic tests (see Fig. 6.2). The least squares fit is a fourth-order polyno-
mial:

FG(z2) ≈ (7.3 104 + 5.4 106z2 − 8.6 107z2
2 + 6.4 108z3

2)max(z2, 0),

where the last multiplier denotes symbolically that FG vanishes when the tire
hovers above the ground.

The total axial strut force FS is modeled as a sum of four forces:

FS = Fa + Fh + Ff + Fd, (6.3)

which are respectively strut pneumatic, hydraulic and friction forces, denoted
by Fa, Fh and Ff , and the delimiting force Fd, which prevents excessive strut
elongation. Notice that introduction of the actually occurring delimiting force Fd

greatly simplifies modeling of the landing process, as compared to the approach
of Milwitzky and Cook [15], since the LG can be uniformly modeled as a 2
DOF system throughout the whole landing, including its initial stage and — if
necessary — rebounds. The total strut force and the component forces depend
directly on the strut axial stroke s,

s = z1 − z2.

The pneumatic force Fa in Eq. 6.3 is modeled in accordance with the poly-
tropic law for compression of gases,

Fa(s) = p0Aa

(
V0

V0 − sAa

)n

, (6.4)

while the hydraulic force Fh is modeled in the standard way [15] as

Fh(ṡ) = sign(ṡ)
1
2

ρA3
h

C2
dA2

o

ṡ2. (6.5)
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symbol numerical value explanation
Aa 1.385 10−3 m2 pneumatic area
p0 1.028 MPa initial air pressure in the upper chamber
V0 171 10−6 m3 initial air volume in the upper chamber
n 1.1 polytropic exponent for the air compres-

sion process
ρ 872.6 kg/m3 density of hydraulic fluid (Aeroshell 41)
Ah 1.018 10−3 m2 hydraulic area
Ao Ao(min) ≤ Ao

Ao ≤ Ao(max)

cross-sectional area of the discharge ori-
fice

Ao(min) 5 mm2 technological lower bound on Ao

Ao(max) 40 mm2 technological upper bound on Ao

Cd 0.6 orifice discharge coefficient
Cf 559 N dry friction coefficient
ld 500 10−6 m delimiting force acting interval

Table 6.1: Symbols used in Eq. 6.4 to Eq. 6.7 [93, 15, 94].

The friction occurring in the strut is assumed to be dry friction only [15] and
is modeled by

Ff (ṡ) = Cf
2
π

arctan(104ṡ), (6.6)

where the inverse tangent function was used to assure smooth variations of the
friction force at the turning points and to enable numerical integrations of the
equations of motion. The delimiting force Fd prevents excessive elongation of the
strut and attempts to model the actual force occurring on the strut delimiter. It
acts within the last ld of the fully elongated strut and is modeled by a simple
spring force as

Fd(s) = p0Aa min
(

s− ld
ld

, 0
)

, (6.7)

where the coefficient p0Aa has been chosen to obtain equilibrium at full elon-
gation: Fd(0) + Fa(0) = 0. Possible oscillations of a fully elongated strut are
damped directly by the hydraulic force Fh.

The symbols used in Eq. 6.4 to Eq. 6.7 are explained in Tab. 6.1. The nu-
merical values of p0, V0 and of the dry friction coefficient Cf have been obtained
by numerical fitting of LG quasi-static compression data. The trimming bounds
on Ao, which is the controlling parameter, are chosen arbitrarily to model real
technological constraints. Notice that the following simplifying assumptions con-
cerning the friction have been made:

• The dynamic friction equals the quasi-static friction.

• The strut friction is not considerably affected by the normal loading occur-
ring due to tire friction in the first milliseconds of the landing process at
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the wheel axle. This is an oversimplification in the case of a cantilever-type
LG but can be legitimate in the case of levered trailing arm gears.

Accuracy of the model can be partly verified by comparison of calculated
forces and displacements with the forces and displacements measured in tests of
a real I-23 nose LG, passive version. Institute of Aviation (Warsaw, Poland) has
made available two sets of measurement data suitable for the comparison:

1. mass m = 422 kg, sinking velocity v0 = 2.93 m/s, lift factor L = 0.667;

2. mass m = 422 kg, sinking velocity v0 = 3.52 m/s, lift factor L = 1.

The first case corresponds to the highest-energy design landing conditions,
see Eq. 6.2, while the second is even more demanding. Fig. 6.3 compares the cal-
culated and measured tire forces FG, while Fig. 6.4 and Fig. 6.5 compare the cal-
culated and measured aircraft and tire displacements (z1 and z2). The discharge
orifice area Ao was assumed to equal 17.43 mm2, which is the optimum value
in the case of a passive LG (see Section 6.3.1). Simulations and measurements
agree well in the case of the tire force FG, the first 150 ms of tire displacement
z2 and the first 100 ms of aircraft displacement z1, which corresponds to the
strut compression phase. However, there is an increasing discrepancy between
the displacements calculated and measured in the strut decompression phase,
which starts approx. 100 ms after the impact. The discrepancy suggests addi-
tional factors coming into play during the strut decompression phase (possibly
recoil orifices and hydraulic oil foaming), which cannot be thus modeled using a
constant recoil orifice area. Nevertheless, the strut compression phase seems to
be modeled reliably; hence all considerations of this paper concerning the peak
strut force Fpeak and the proposed control strategies are valid.

6.3 Control strategies

It is assumed that the landing scenario is fully defined by two basic parameters:
(1) total landing mass per strut m, (2) initial strut sinking velocity v0. Their
ranges are given in Eq. 6.2, their distributions in Section 6.4.2. The common
objective of all the investigated control strategies is to minimise the peak strut
force Fpeak occurring during the landing. The evolution of the total strut force
FS is fully determined by the control parameter, which is area Ao of the discharge
orifice. Essentially, there are three control strategies possible:

• Passive LG (PLG), i.e. no control. the orifice area Ao is constant and
cannot be adjusted to particular landing conditions. Nevertheless, its pre-
set constant value is optimized to mitigate the peak strut force occurring at
the highest-energy landing conditions (maximum design landing mass and
sinking velocity).
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Figure 6.3: Measured and computed tire force FG, passive LG: test case 1 (m =
422 kg, v0 = 2.93 m/s, L = 0.667); test case 2 (m = 422 kg, v0 = 3.52 m/s,
L = 1).
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Figure 6.5: Measured and computed displacements of aircraft z1 and tire z2,
passive LG, test case 2 (m = 422 kg, v0 = 3.52 m/s, L = 1).

• Semi-active LG (SLG). The orifice area Ao is optimally set directly before
each landing, based on the actual sinking velocity v0 and/or mass m, which
have to be measured or known in advance. Ao remains constant during the
landing process, which makes the strategy relatively easy to implement,
since no quick closed control loops are necessary.

• Active LG (ALG). The orifice area Ao changes continuously during the land-
ing process, according to a strategy defined by the actual values of the initial
sinking velocity v0 and/or mass m, which have to be measured or known in
advance. This strategy potentially yields the highest improvement, but re-
quires quick closed control loops and accurate real-time measurement data,
which may result in instabilities.

The strategies apply to the strut compression phase only. During the decom-
pression phase, recoil orifices take effect instead of the main discharge orifice, the
numerical model has thus to be modified and the optimization goal redefined.
However, as the (to-be-minimized) peak strut force Fpeak occurs within the strut
compression phase, modeling of the decompression phase is outside the scope of
this paper.

To apply the active or the semi-active control strategy, as defined above, the
actual landing scenario has to be at least partially known in advance. In real
conditions, the sinking velocity v0 can be relatively easy measured just before
the touchdown by a dedicated sensor (e.g. ultrasonic, one per LG). However, it
may not be possible to know the exact actual value of the total landing mass
per strut m. Therefore, to asses the importance of the knowledge of the mass,
altogether five cases have been considered:



94 CHAPTER 6. AIA’S POTENTIAL FOR IMPROVEMENT

1. Passive LG (PLG);

2. Semi-active LG (SLG): both v0 and m are known before landing;

3. Velocity-driven semi-active LG (VD-SLG): only v0 is known before landing;

4. Active LG (ALG): both v0 and m are known before landing;

5. Velocity-driven active LG (VD-ALG): only v0 is known before landing.

To investigate and assess the strategies, the equations of motion Eq. 6.1 had to be
solved numerically, which was done with explicit methods and the time step 5 µs

or 50 µs (active strategies). The peak strut forces computed at 5 µs and 50 µs

differed by approx. 0.1 % – 0.2 %, which is acceptable to compare the strategies
reliably.

6.3.1 Passive LG

The pre-set constant discharge orifice area APLG
o has to be chosen to minimize the

peak force occurring during the highest-energy design landing scenario. Fig. 6.6
shows the dependence of the peak strut force FPLG

peak (mmax, v0(max), Ao) on the
discharge orifice area Ao. The left slope corresponds to the decreasing peak
of the hydraulic force, while the right slope corresponds to the increasing peak
of the pneumatic force. The minimum value of 17 021 N has been found at
APLG

o = 17.43 mm2, where both peaks are equal. The corresponding computed
tire peak force equals 17 374 N, which is relatively very close to the measured
value of 17 400 N (see Fig. 6.3). Thus, the maximum design strut force was
assumed to be Fmax = 17 021 N. The optimum discharge orifice area for a
passive LG is APLG

o = 17.43 mm2.

Fmax = 17 021 N,

APLG
o = 17.43 mm2.

(6.8)

6.3.2 Semi-active LG

A graph of Fpeak in dependence on the orifice area Ao (similar to that shown in
Fig. 6.6) can be drawn for each combination of the landing mass m and the vertical
velocity v0. Therefore, if both m and v0 are known or measured just before
the touchdown, the discharge orifice area Ao can be set to the optimum value
ASLG

o (m, v0), within the technological bounds Ao(min) and Ao(max) (Tab. 6.1),
which yields the technologically attainable minimum peak force

FSLG
peak (m, v0) := Fpeak(m, v0, A

SLG
o (m, v0)).

This is substantially advantageous to the passive LG, which is optimized only for
the highest-energy design landing scenario.
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Figure 6.6: Passive LG: Computed dependence of the peak strut force Fpeak

on the discharge orifice area Ao at the highest-energy design landing scenario
(m = 422 kg and v0 = 2.93 m/s).

Fig. 6.7 shows the dependence of the computed optimum discharge orifice
area ASLG

o (m, v0) on the landing conditions. At standard landing conditions
(low sinking velocity), the optimum orifice area ASLG

o considerably exceeds the
constant value APLG

o used in the passive LG, Eq. 6.8. Hence, at the same landing
conditions, the peak strut force in the semi-active LG can be expected to be
considerably lower than in the passive LG. The relative improvement is shown
in Fig. 6.8, which plots the ratio of the peak force in SLG to the peak force in
PLG at the same landing conditions. There is obviously no improvement in the
highest-energy landing scenario, since the SLG amounts then to the PLG. The
effect of the semi-active control becomes apparent as the mass or sinking velocity
decreases. However, at low sinking velocities, the advantage of the SLG over the
PLG tends to diminish, which is due to the effect of the initial stiffness of the air
spring and the lift force: the landing energy is too low to compress considerably
the strut and trigger the hydraulic force. Thus most of the vertical displacement
is the tire deflection, and it is not possible to take advantage of the semi-active
control scheme.

6.3.3 Velocity-driven semi-active LG

The semi-active control strategy requires both the landing mass m and the sinking
velocity v0 to be known before landing. However, in practice only the velocity v0

can be relatively easy measured and the mass m has to be estimated. To asses
the importance of the exact knowledge of the mass, the limiting case of no mass
knowledge can be tested. The discharge orifice area Ao has then to be chosen
to minimize the peak strut force in the corresponding highest-energy landing
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Figure 6.7: Semi-active LG: Computed dependence of the optimum discharge
orifice area on the total mass m and sinking velocity v0.
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Figure 6.8: SLG compared to PLG, relative improvement: Computed ratio of the
peak strut force in the optimally controlled SLG to the peak strut force in PLG
at the same landing conditions, in dependence on the total mass m and sinking
velocity v0.
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Figure 6.9: VD-SLG compared to PLG, relative improvement: Computed ratio
of the peak strut forces in the optimally controlled VD-SLG and PLG at the same
landing conditions, in dependence on the total mass m and sinking velocity v0.

scenario (i.e. at the highest mass mmax),

AV D-SLG
o (v0) := ASLG

o (mmax, v0).

The performance of the VD-SLG must thus suffer, compared to the SLG. How-
ever, as Fig. 6.7 shows, the optimum orifice area is influenced more by the landing
velocity than by the mass. A comparison of the performances of the VD-SLG
and PLG is shown in Fig. 6.9, which may be compared with Fig. 6.8. At low
sinking velocities the same effect of the initial stiffness of the air spring occurs.

6.3.4 Active LG

In an actively controlled LG the discharge orifice area Ao is actively modified
during the strut compression phase. The equations in Section 6.2 directly relate
the total strut force FS to Ao by:

FS = Fa + Ff + Fd +
1
2
sign(ṡ)

ρA3
h

C2
dA2

o

ṡ2.

Hence, if instantaneous control is assumed, an obvious method to keep the total
strut force FS at a desired limit value Flimit is to actively set Ao during the
compression phase according to

A2
o =





A2
o(max) if Flimit ≤ Fa + Ff + Fd

max

(
A2

o(min), min
(

A2
o(max),

ρ
2

A3
h

C2
d

ṡ2 sign(ṡ)
Flimit−Fa−Ff−Fd

))
otherwise,

(6.9)
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Figure 6.10: ALG compared to PLG, relative improvement: Computed ratio of
the peak strut forces in the optimally controlled ALG and PLG at the same
landing conditions, in dependence on the total mass m and sinking velocity v0.

where the first value serves the instantaneous minimization of FS in case it
inevitably exceeds Flimit. According to Eq. 6.9, at the very beginning of the
strut motion, when the total strut force FS is still low, the discharge orifice
area Ao is set to Ao(min) and stay so until FS attains Flimit. Thereafter Ao is
actively controlled within the given limits until the decompression phase begins.
Therefore, the active approach of Eq. 6.9 requires optimization of the peak force
with respect to only one parameter Flimit, which has to be performed for each
landing conditions defined by m and v0.

However, Eq. 6.9 is only an approximation to the optimum active control. A
finer control strategy applied at the beginning of the compression phase, before
attaining Flimit, could further increase the efficiency of the strut and reduce the
peak force. To come closer to the optimum strategy, the strut can be softened at
the beginning of the impact by setting the initial discharge orifice area to a given
value Ao(ini). The active control of Eq. 6.9 begins first when the force limit
Flimit has been attained. In a real LG it will also reduce the initial tire–runway
friction, allow for a gradual wheel spin-up and reduce the spring-back effects.
This resulted in optimization with respect to two parameters: (1) initial area of
the discharge orifice Ao(ini); (2) desired strut force limit Flimit, which triggers and
controls the phase of active control according to Eq. 6.9.

Fig. 6.10 shows the relative improvement in comparison to the PLG. The
advantage of the ALG over SLG (Fig. 6.8) at standard landing conditions (low
sinking speed) amounts to not more than 3 % and is rather insignificant. However,
at the highest-energy landing conditions it attains the maximum of approx. 9 %,
which is significantly better than the semi-active strategy.
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Figure 6.11: VD-ALG compared to PLG, relative change: Computed ratio of
the peak strut forces in the optimally controlled VD-ALG and PLG at the same
landing conditions, in dependence on the total mass m and sinking velocity v0;
the contour line marks the 100 % level.

6.3.5 Velocity-driven active LG

Similarly to VD-SLG, a VD-ALG can be considered to study the limiting case
of the practical scenarios when the mass m is not known before the landing and
should be thus assumed to be the maximum mmax:

AV D-ALG
o(ini) (v0) := AALG

o(ini)(mmax, v0),

F V D-ALG
limit (v0) := FALG

limit (mmax, v0).

Fig. 6.11 compares the performances of the VD-ALG and PLG. At low landing
mass the peak force can be even higher than in the standard PLG, which renders
the pure VD-ALG strategy useless.

6.3.6 Example simulations

All sample simulations presented in this section are based on the landing con-
ditions m = 350 kg and v0 = 1.5 m/s, which are taken as examples and lie
approximately in the middle of the design range (see Eq. 6.2).

Fig. 6.12 compares the computed strut forces in the PLG and SLG during the
first 200 ms of the landing process. Fig. 6.13 shows the forces in the ALG along
with the details of the applied active control. Two small temporary decreases
of the total strut force at approx. 60 ms and 100 ms are results of attaining
the lower limit Ao(min) imposed on the orifice area (see the bottom plot of the
active control). Notice how the pneumatic and hydraulic force peaks, which are
unequal in the PLG, are made equal in the SLG and additionally leveled in the
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Figure 6.12: Comparison of computed pneumatic, hydraulic and total strut forces
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 0

 10

 20

 30

 40

 0  50  100  150  200

or
ifi

ce
 a

re
a 

[m
m

2 ]

time [ms]

 0

 1

 2

 3

 4

 5

 6

fo
rc

e 
[k

N
]

total strut (ALG)
pneumatic (ALG)

hydraulic (ALG)

Figure 6.13: Computed pneumatic, hydraulic and total strut forces in ALG, and
active control for m = 350 kg and v0 = 1.5 m/s.

ALG. Further reduction of the peak strut force is possible only by increasing
the force growth rate in the first 25 ms by decreasing the initial orifice area
Ao(ini). However, in a real LG this would considerably increase the tire–runway
friction and the spring-back effect. It would also require a substantial increase
of the orifice area upper limit Ao(max) to maintain the constant force level in the
subsequent 25 ms (see the first peak of the active control in Fig. 6.13). The plots
of the strut force versus strut deflection for the four considered control strategies
are compared in Fig. 6.14.
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6.4 Potential for improvement

6.4.1 Air spring influence

A typical landing scenario involves a low sinking velocity, see Fig. 6.15. However,
the investigated control strategies reveal improvements only for medium-to-high
sinking velocities, see Fig. 6.8, 6.9 and 6.10. This is due to the effect of the
pre-stressed air spring and the lift force: to compress the strut further than
the delimiting force acting range ld = 0.5 mm, the strut force has to overcome
the joint effect of the pneumatic and friction forces, which amounts to 1983 N
and is comparable to the peak force at v0 = 0 m/s, which was computed to be
1993 N – 2179 N, depending on the mass. Therefore, at low sinking velocities
the strut is being barely compressed and there is practically no hydraulic force
to be controlled. As a result no strategy based on hydraulic force control can
yield improvement at low sinking velocities. This is, however, not necessary, since
the static runway loading is considerably higher than the landing peak force at
low sinking velocities. This is due to the lift factor L = 0.667, which occurs in
Eq. 6.1 and disappears in static or taxiing conditions. Therefore, the (semi)-
active control strategies can in fact be considered necessary only in the cases
when the peak force in the PLG is significant, i.e. exceeds the static loading,
FPLG

peak (m, v0) > mg. This occurs at higher sinking velocities only; the limiting
velocity ranges from 0.54 m/s to 0.85 m/s, depending on the landing mass m.

6.4.2 Mean and median peak strut force

Fig. 6.8 to Fig. 6.11 compare the performance of the discussed LG types for each
design landing condition separately. An overall comparison is possible by sta-
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sinking cumulative sinking cumulative
velocity v0 [m/s] occurrences velocity v0 [m/s] occurrences

0.00 1000.0 1.54 63.0
0.15 994.6 1.70 33.8
0.31 925.6 1.85 17.7
0.46 811.3 2.00 9.7
0.62 669.6 2.16 4.7
0.77 518.8 2.31 2.5
0.93 380.2 2.47 1.6
1.08 260.3 2.62 1.0
1.23 172.9 2.78 0.6
1.39 108.4 2.93 0.3

Table 6.2: Assumed cumulative occurrences of sinking velocities per 1000 land-
ings.
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Figure 6.15: Assumed occurrences of sinking velocities per 1000 landings.

tistical means if the probability distributions of landing conditions are defined.
The initial sinking velocity v0 and the total mass m are assumed to be inde-
pendent. To ease the statistical computations, their ranges Eq. 6.2 have been
discretized into 20 equally spaced values. The distribution of the landing mass
has been assumed to be uniform in the whole range of 288 kg – 422 kg. The as-
sumed discretized distribution of the initial sinking velocity v0 is listed in Tab. 6.2
(cumulative occurrences) and illustrated in Fig. 6.15 (occurrences).

Tab. 6.3 compares the performances of the four LG types in terms of the
expected and median peak strut forces. Two cases have been considered, uncon-
ditional and conditional:

1. All landing conditions have been taken into accounts, unconditional E
[
Fpeak

]
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peak strut force relative improvement
LG type expected median expected median

value [kN] value [kN] value [%] value [%]
Case 1: unconditional (all landing scenarios)
PLG 3.890 3.527 — —
VD-SLG 3.618 3.284 7.0 6.9
SLG 3.386 2.992 12.9 15.2
ALG 3.331 2.959 14.4 16.1
Case 2: conditional (FPLG

peak > mg)
PLG 4.962 4.613 — —
VD-SLG 4.565 4.232 8.0 8.3
SLG 4.202 3.878 15.3 15.9
ALG 4.106 3.790 17.2 17.8

Table 6.3: Performance of four LG control strategies, a statistical comparison.
Case 1: unconditional values (all landing scenarios); Case 2: conditional values
(landings with the PLG peak strut force exceeding the static load.

and median
[
Fpeak

]
have been computed for the four control strategies con-

sidered.

2. Only landings with the PLG peak strut force exceeding the static load
have been taken into account. This case reports on the statistical reduc-
tion of significant peaks and leads to conditional probability distributions,
expected values and medians

E
[
Fpeak | FPLG

peak > mg
]
, median

[
Fpeak | FPLG

peak > mg
]
.

6.4.3 Safe sinking velocity range

The described control strategies decrease the peak strut force, hence allow the
sinking velocity range to be extended even beyond v0(max) = 2.93 m/s without
exceeding the peak strut force limit Fmax. Fig. 6.16 compares, in terms of the
landing mass m at three control strategies (PLG, SLG, ALG), the maximum
safe sinking velocities v̂, which are defined by an implicit relation Fpeak(v̂, m) =
Fmax. The velocity-driven semi-active strategy (VD-SLG) has been skipped,
since it assumes no information about the landing mass m and is hence bound
by v0(max) = 2.93 m/s, which occurs at mmax.

6.5 Experiment

The obtained results of numerical simulation were verified experimentally by
means of a small laboratory demonstrator. The objective was a comparative
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Figure 6.16: Maximum safe sinking velocity at three control strategies in terms
of the total landing mass.

study of operation of the adaptive landing gear model in the passive, semi-active
and active control modes, in order to:

1. prove feasibility of the proposed control strategies and

2. assess experimentally the potential reduction of the peak force, which can
be achieved thanks to the introduction of adaptive landing gears.

6.5.1 Testing stand

The adaptive landing gear was substituted in the experiment with an intention-
ally designed, lab-scale Adaptive Impact Absorber (AIA). The adaptability of
the AIA was realised by means of a variable viscous damping force, obtained via
introduction of magnetorheological (MR) fluid. The AIA was composed of a mag-
netorheological damper and a coil spring, see Fig. 6.17 (left). A dedicated control
unit, developed in the FPGA technology, allowed generation of the desired level
of the damping force (500 N – 2000 N) within rigorous time restrictions: the time
delay was less than 4 ms.

The tests were performed on a small drop test device, designed and developed
in laboratory, see Fig. 6.17 (right). The idea behind the stand was to realise
the same scheme of impact excitation and thus to ensure its compatibility with
full-scale testing stands being in use in large laboratories dedicated to testing
of landing gears. Full-scale testing stands fix the landing gears under a drop
mass, which simulates a respective part of the weight of an aircraft. The test
procedure includes free falling drops from various heights to simulate different
sinking velocities. In order to make the laboratory landing conditions more close
to reality, struts are usually tested with variable circumferential speed of the
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Figure 6.17: (left) Laboratory model of Adaptive Impact Absorber (AIA);
(right) AIA mounted on the laboratory drop test rig.

wheel and, in the case of main landing gears, with various attitude angles (up to
15 degrees). Moreover, full-scale testing stands are equipped with a simulator of
the lift force, which is able to generate the wing lift contribution to the landing
process. For the purpose of the small, lab-scale experiment, the testing procedure
was simplified in the following points:

1. The tests were conducted only in the vertical position of the adaptive impact
absorber;

2. The tire of the landing gear was substituted by a bumper made of solid
rubber;

3. The absorbing element was not mounted to the free falling mass but fixed
in the vertical position on the foundation plate;

4. The lift force occurring during landing of aircraft was not simulated.

Due to the introduced simplifications, the friction forces generated on the
sliding surfaces of the damper were much lower (and invariant) compared to real-
world landing phenomenon, and the introduced rubber element had relatively
stiffer characteristic in comparison to the characteristic of a pneumatic tire. Ne-
glecting of the lift force had an influence on the inertial balance of the system.
However, from mechanical point of view both systems were analogical (Fig. 6.18)
and the time limitations for the control and actuation systems were the same.
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Figure 6.18: Comparison of schemes of testing stands: (left) lab-scale; (right) full-
scale.

Therefore, it was assumed that the effectiveness of the proposed control strategies
could be successfully tested and assessed.

The test program consisted of 567 drop tests. The procedure included drop
tests in 63 cases of impact energy (0.6 J – 70 J), which are listed in Tab. 6.4.
For each case the drops were conducted for three tested modes of operation and
repeated treble in order to guarantee proper repeatability.

kinetic sinking velocity [m/s]
energy [J] 1.46 1.30 1.10 1.00 0.95 0.85 0.79 0.58 0.40

67 71.41 56.62 40.54 33.50 30.23 24.20 20.91 11.27 5.36
57 60.75 48.17 34.49 28.50 25.72 20.59 17.79 9.59 4.56

mass 47 50.09 39.72 28.44 23.50 21.21 16.98 14.67 7.91 3.76
[kg] 37 39.43 31.27 22.39 18.50 16.70 13.37 11.55 6.22 2.96

27 28.78 22.82 16.34 13.50 12.18 9.75 8.43 4.54 2.16
17 18.12 14.37 10.29 8.50 7.67 6.14 5.30 2.86 1.36
7 7.46 5.92 4.24 3.50 3.16 2.53 2.18 1.18 0.56

Table 6.4: Kinetic energies used in tests.

6.5.2 Passive control strategy

Because of safety reasons, each conventional landing gear is designed to withstand
touchdown impacts with critical energies (seven to ten knots sinking velocity and
maximal weight for civil aviation [12]) without loosing its integrity and function-
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ality. In order to satisfy this requirement, the optimisation process of the shock
absorber must be focused on the landing scenarios with maximum impact ener-
gies instead of the most frequently occurring cases. An adequate methodology
was chosen for the series of experimental tests of the AIA in the passive mode of
operation.

As the first step of the experimental session, the model of adaptive landing
gear was assumed to behave as a conventional, passive landing gear, and opti-
mised to operate properly under the conditions of the maximum impact energy
considered in this study. A constant level of the control signal was determined,
which allowed to obtain the minimum magnitude of vertical dynamic force and to
avoid collision between the structure and housing of the AIA device. Further on,
the impact absorber was tested for the full range of the impact energies with the
damping characteristics established for the passive mode. The dynamic force was
measured and the peak value was stored to serve as a reference for assessment of
the effectiveness of the proposed adaptive control strategies.

6.5.3 Semi-active control strategy

The semi-active control strategy was verified experimentally to asses the potential
given by introduction of a simple adaptability scheme to landing gears. The
control method was to adjust the damping characteristic of the AIA in each
particular case of the impact. The optimal damping level was determined in
dependence on the kinetic energy of the impact and the corresponding constant
control signal was applied on the MR device in the AIA. The feed forward control
of the system was thus defined as using an open loop the control only, and the
control procedure included:

1. Determination of the sinking velocity and the mass of the falling object;

2. Automatic determination of the appropriate control signal on the basis of
an implemented look-up table system;

3. Generation of the control signal and adaptation of the system.

Fig. 6.18 depicts the relative value of the measured peak dynamic force at the
semi-active strategy in comparison with the peak force at the passive strategy.
The improvement is the most significant at small impact velocities. An overall
peak force reduction is approx. 20%.

6.5.4 Active control strategy

The active control strategy was realised in a closed loop control with the vertical
acceleration of the structure as the feedback signal. The control sequence had
three main stages of operation:
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Figure 6.19: Semi-active control experimentally compared to passive control:
ratio of measured peak dynamic forces.

1. Recognition of the energy of the impact;

2. Initial adaptation of the system;

3. Execution of the active control strategy.

The recognition of the impact energy was realised within 2 ms before the impact
moment. To measure the sinking velocity a photo sensor was used, while the
drop mass was assumed to be known. The objective of the closed loop control
strategy was to adhere to a predefined value of the deceleration of the structure,
which was determined in accordance to the recognised impact energy.

Fig. 6.20 depicts the relative value of the measured peak dynamic force in
comparison with the peak force at the semi-active strategy. The approximate
gain is on the level of 5%. The relative improvement increases with the impact
energy, which is similar to the results obtained via numerical simulation [13, 95].

6.5.5 Example

Fig. 6.21 and 6.21 compare two measured hystereses (dynamic force FS versus
strut deflection s), which clearly illustrate the effects of the tested control strate-
gies. The advantage of the semi-active and active modes over the passive is
clear in both cases: the peak dynamic force has been considerably reduced. The
advantage of the active strategy over the semi-active is much less pronounced.
However, the active strategy, besides decreasing the peak dynamic force, which
was the objective here, also significantly decreased the maximum piston strokes
needed to complete the dissipation process. With the active strategy the energy
is thus dissipated on a shorter distance. The displacements of the pistons were
reduced by 15% on average, what significantly enlarges the energy dissipation
potential of the AIA.
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Figure 6.20: Active control experimentally compared to semi-active control: ratio
of measured peak dynamic forces.
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Figure 6.21: Experimental AIA hysteresis at passive, semi-active and active con-
trol strategies for m = 37 kg and v0 = 0.79 m/s (drop height 32 mm).
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Figure 6.22: Experimental AIA hysteresis at passive, semi-active and active con-
trol strategies for m = 27 kg and v0 = 0.85 m/s (drop height 37 mm).

6.6 Summary of Chapter 6

As it was presented in this chapter, the active control strategy presented in the
previous chapter was successfully implemented in the laboratory tests and com-
pared to the numerical results obtained for the case of an existing LG. The
extended test program proved that the control strategy is repetitive in operation
and effective in reduction of the maximal values of dynamic loads transferred on
the protected structure. The results are in qualitative agreement with the results
of simulations of the existing LG.



Chapter 7

Conclusions

7.1 Concluding remarks

The concluding part of this thesis firstly presents a brief summary of the chapters
content and in the following part, emphasises the key original achievements of
the study.

7.1.1 Summary

The objective of this thesis was to present a comprehensive analysis of a concept
of Adaptive Impact Absorber based on magnetorheological fluids. As an example
of application that is subjected to repetitive impact loadings, an aircraft landing
gear was chosen. The general tasks analysed in the research were the questions
of feasibility of the MR technology in the landing gears, and a special focus was
directed to the problem of control methods in the face of impact phenomenon
characterised by very short duration.

The thesis began with definition of the problem of adaptive impact absorption
and its application fields. A brief discussion was presented over the methods of
passive and active mitigation of the results of impacts. A special attention was
given to the topic of active landing gears, and their drawbacks in comparison to
semi-active solutions. The introductory part of the thesis was concluded with
explanation of reasons for the analysis of adaptive landing gears actuated by MR
fluid.

Chapter 2 discussed the area of the fundamental mechanics of magnetorhe-
ological fluids. It provided a literature review, which gave an overview of MRF
modeling issues. The main part of the chapter presented a model used in this
research for description of MRF in flow mode, where there was a significant fluc-
tuation of magnetic flux density across the flow orifice. Finally, an experimental

111
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verification of the results was presented on an intentionally fabricated device,
which allowed the visualisation of the MRF under flow mode.

Chapter 3 was dedicated to an analysis of operation and formulation of mod-
elling of a magnetorheological damper RD 1005-3 manufactured by LORD Cor-
poration. That damper was the dissipative magnetorheological device used in the
experiments for this research. An analytically formulated model of the device was
proposed, which incorporated all of the physical effects occurring in the device.
A special attention was given to the problem of modelling of MR fluid flow in the
device.

Chapter 4 presented a discussion devoted to methods of accelerating the op-
eration of the MR devices. The main sources of the time delays in the execution
systems were analysed and a solutions proposed. The discussion contained a set
of experimental examples for illustration of the described methods.

Chapter 5 discussed the possibilities and problems connected to implementa-
tion of the MR fluids in the adaptive landing gears. The objective of this chapter
was to validate the concept of adaptive impact absorber based on MRF, by pre-
senting the operation of an experimental system. The results of the research
proved a potential feasibility of an ALG based on MRF.

Chapter 6 was devoted to a discussion of the gains that can be obtained as
the result of introduction of the controllable AIA systems. Special attention here
was given to estimation of the potential reduction of dynamic loadings that the
aircraft is subjected to, thanks to employment of the semi-active aircraft landing
gears.

7.2 Key achievements of the investigation

The first objective of the thesis was:

To derive and experimentally validate a model of flow of MR fluid in the condi-
tions of significant field density variation.

This objective was achieved as the derivation of the fluid flow law presented in
Chapter 2 was validated experimentally by means of an intentionally fabricated
mockup. The results showed that the proposed model with incorporated influ-
ence of the magnetic fluid variation between the poles significantly improved the
prediction results provided by the model. An additional very important achieve-
ment of this research was conducting of the visualisation experiment in order to
deepen the understanding of the phenomena that occur in MR fluid under the
flow mode.

An important achievement was also formulation of an analytically based
model of MR damper. The formulation of the model was subsequent to deep
analysis of effects, which affect the resulting reacting damping force generated
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by the device. All the elements of the model were defined in a way that allow
to interpret them physically. The model was identified on the basis of a set of
intentionally designed measurement experiments in order to extract the values of
all particular parameters governing the forces’ definitions used in the modelling.

The original author’s contribution was:

• building of the mockup for flow visualisation of the MR fluid

• formulation of a more precise flow law for MRF under non homogeneous
magnetic field

• development of analytically based model of a magnetorheological damper
and its experimental verification

The second general objective of this thesis was:

To develop and experimentally validate a control procedure for adaptive impact
absorbers based on magnetorheological fluids.

The problem of feasibility assessment for the magnetorheological devices op-
erated under the condition of impact is complex. However, in this thesis an
analysis of main issues was presented and crucial points connected with the con-
trol problem of the AIA were solved and validated experimentally.

The feasibility of impact absorbers based on MRF for the adaptive landing
gears depend strongly on the response time exhibited by the actuation system.
An advanced control system must have been designed in such a way that allows
the actuator to operate with time delays below 5 ms (0.005 s). Moreover, the
developed control strategy must have been able to meet all of the specific re-
quirements and constraints typical for aviation. The analysed control procedure
primarily focused on the impact phase of an aircraft’s landing as this was the
crucial point in the assessment of the feasibility of the system.

The original author’s contribution was:

• building of the stand for dropping tests able to demonstrate the concept of
the adaptive landing gear

• proposing and programming of the controller for the system with the re-
spond time equal or less than 0.005 s

• integration of the adaptively controlled ALG model based on MR damper
RD-1005-3 and the developed controller

• experimental verification of the ALG concept

• numerical and experimental assessment of the potential improvement in the
behaviour of landing gears on an example of an existing aircraft
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7.3 Critical remarks

In this section I would like to discuss the topics that weren’t in the scope of this
thesis but are connected with employment of the MRF in landing gears.

Firstly, important problems of durability of magnetorheological devices were
out of the scope of this study. The problem is new and important since the
medium has properties which are innovative on the market. The classical oils are
produced according to industry standards that assume a high level of purity. In
accordance to aviation standards an allowable amount of particles in the hydraulic
oil are 4 per cm3, and the MRF contains more than 30% of hard particles by
volume. This fact drives the designers to completely new technological challenges
like development of a new class of sealing that would be resistant to wear caused
by presence of hard pieces in the medium. The conventional sealing is relatively
fast degraded by wearing action of the particles as tested in [96]. A tested damper
was excited by 10 Hz sinusoidal excitation with stroke 2mm and the degradation
of sealing was readable after 1M cycles, and after 1.75M cycles the leakage of the
oil was significant (1 cycle was defined as 1 period of sinusoidal excitation). A
proposition of a new method of sealing of the MR devices was presented in [48],
which was based on the idea of employment of a permanent magnet in the sealing
area for attraction of the metallic particles and prevent the destruction of the
sealing protecting the oil against leaking.

Another problem that can have a significant influence on the durability of the
MR devices is wearing of the magnetisable particles in the fluid. As it was shown
in the durability test performed by Ulicny et al. [97], the iron particles undergo a
degradation during operation in the devices. The particles, which have initially
round shape, take irregular shapes in result of a loosing material. The reported
influence on the device’s responsibility was measured as 15% of reduction after
540 h of the test duration.

The proposed idea of application of the magnetorheological fluids to the air-
craft landing gears provokes the discussion over topics that are directly related
to this application. In the presently manufactured aeroplanes the design process
is aimed at reaching the minimal weight of the machine in order to have the
largest possible potential for carrying the payloads. The engineers are optimiz-
ing the structures to make them as light as possible and each particular saved
kilogramme is important. In the case of the landing gears adapted to the MR
technology its weight would be increased due to higher density of the MR fluid
in comparison to the hydraulic oils utilised presently. Moreover, the actuation
of the MR fluid requires installing of electromagnet coil, which also increases the
total weight of the complete landing gear. However, the increase in the weight
of the landing gear could be compensated by reduction of mass in other parts of
the structure due to improved fatigue life of the aircraft.

Another important problem that relates to the application of the magnetorhe-
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ological fluids in landing gears is sedimentation of the iron particles in the volume
of the fluid [98]. The effect is caused by inequality of density between the iron
particles and the carrier fluid, and results in concentration of the micro-particles
in the bottom part of the volumes filed with MR fluids. The phenomenon sig-
nificantly affects the responsiveness of the medium and causes malfunction of
the devices. Reduction of the effect is obtained by employment of chemical ad-
ditives, which increase the periods to the appearance of the non-homogeneity.
The resistivity of devices on the effects of sedimentation depend strongly on the
operation character. In the case of devices which are in movement, the mixing of
the fluid is performed naturally e.g. in the case of the car suspensions. However,
there exist a class of applications where the fluid is kept stable for long periods
(seismic protection [52, 77]). For these applications the role of carrier fluids are
played by gels, which exhibit higher values of viscosity and prevent the sedimen-
tation process. In the case of landing gears, the magnetorheological fluids can
be threatened by sedimentation as the devices are kept deactivated during long
flights.

The next important issue that should be precisely analysed when a magne-
torheological device is designed for a particular application is the heat transfer.
There were experimental results presented [99, 100], which have concluded that
the effectiveness and responsiveness of the MR devices decreases when a crit-
ical operational temperature has been exceeded. For that reason, the proper
thermo-conductivity analysis of the devices is one of important tasks that should
be performed on the design stage of the development. The problem is under
intensive investigation in the recent years in the research centres around the
world [101, 102, 103, 104].
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Appendix A

Reformulation of Newtonian fluid

flow equations

The flow equation for an incompressible Newtonian fluid can be expressed as [72]:

ρ
Du

Dt
= ρg − Op + ηO2u, (A.1)

where:
Du

Dt
- material derivative, ρ - fluid density, u - fluid velocity vector, g

- gravity, p - fluid pressure, η - viscosity of the fluid.
The fluid velocity vector is represented in a Cartesian coordinate system as:

u = (u, v, w),

and the O2u is defined and formulated in components of Cartesian coordinate
system as:

∂2u

∂x2
+

∂2u

∂y2
+

∂2u

∂z2

∂2v

∂x2
+

∂2v

∂y2
+

∂2v

∂z2

∂2u

∂w2
+

∂2w

∂y2
+

∂2w

∂z2

Then in the Cartesian coordinate system Eq. (A.1) have the form:
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ρ
du

dt
= ρgx − ∂p

∂x
+ η

(
∂2u

∂x2
+

∂2u

∂y2
+

∂2u

∂z2

)
,

ρ
dv

dt
= ρgy − ∂p

∂y
+ η

(
∂2v

∂x2
+

∂2v

∂y2
+

∂2v

∂z2

)
,

ρ
dw

dt
= ρgz − ∂p

∂z
+ η

(
∂2w

∂x2
+

∂2w

∂y2
+

∂2w

∂z2

)
.

(A.2)

The left hand side of the Eq. (A.1) can be expressed as:

ρ
Du

Dt
= ρ

(
∂u

∂t
+ (uO) • u

)
(A.3)

which is equivalent to:

ρ
Du

Dt
= ρ

(
∂u

∂t
+ grad(u) • u

)
.

Thus in the Cartesian coordinate system, the components of the material
derivative Eq. (A.3) take the form:

ρ
du

dt
= ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y
+ w

∂u

∂z

)
,

ρ
dv

dt
= ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y
+ w

∂v

∂z

)
,

ρ
dw

dt
= ρ

(
∂w

∂t
+ u

∂w

∂x
+ v

∂w

∂z
+ w

∂w

∂z

)
.

(A.4)

Then the general form of the Eq. (A.1) formulated in Cartesian coordinate
system can be expressed in the following form:

ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y
+ w

∂u

∂z

)
= ρgx − ∂p

∂x
+ η

(
∂2u

∂x2
+

∂2u

∂y2
+

∂2u

∂z2

)
,

ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y
+ w

∂v

∂z

)
= ρgy − ∂p

∂y
+ η

(
∂2v

∂x2
+

∂2v

∂y2
+

∂2v

∂z2

)
,

ρ

(
∂w

∂t
+ u

∂w

∂x
+ v

∂w

∂y
+ w

∂w

∂z

)
= ρgz − ∂p

∂z
+ η

(
∂2w

∂x2
+

∂2w

∂y2
+

∂2w

∂z2

)
.

(A.5)

By reduction of the expressions connected with z direction, one can obtain
the fluid flow equations for 2D analysis:
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ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y

)
= ρgx − ∂p

∂x
+ η

(
∂2u

∂x2
+

∂2u

∂y2

)
,

ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y

)
= ρgy − ∂p

∂y
+ η

(
∂2v

∂x2
+

∂2v

∂y2

)
.

(A.6)





Appendix B

Reformulation of non-Newtonian

fluid flow equations

The fluid flow equation was derived from the generalized form of the Navier-
Stokes equations [72]. The flow equation for an incompressible, non-Newtonian
fluid can be expressed as:

ρ
Du

Dt
= ρg + div(τ), (B.1)

where:
D

Dt
- material derivative, ρ - fluid density, u - fluid velocity vector, g

- gravity, τ - general stresses on the fluid element.
The fluid velocity vector is represented in Cartesian coordinate system as:

u = (u, v, w).

The normal stresses in the Cartesian coordinate system are defined as follows:

τxx = −pxx, τyy = −pyy, τzz = −pzz. (B.2)

Then the components of the Eq. (B.1) can be expressed as:

ρ
du

dt
= ρgx − ∂pxx

∂x
+

∂τxy

∂y
+

∂τxz

∂z
,

ρ
dv

dt
= ρgy +

∂τyx

∂x
− ∂pyy

∂y
+

∂τyz

∂z
,

ρ
dw

dt
= ρgz +

∂τzx

∂x
+

∂τzy

∂y
− ∂pzz

∂zy
.

(B.3)
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APPENDIX B. REFORMULATION OF NON-NEWTONIAN FLUID FLOW

EQUATIONS

The normal stresses are defined as composition of hydrostatic pressure and
the resultant pressure being an outcome of viscosity of the fluid:

pxx = p + p′xx,

pyy = p + p′yy,

pzz = p + p′zz.

(B.4)

Note that p is hydrostatic pressure that does not depend on shear stresses and
normal stresses. According to that assumption, p′xx, p′yy, p

′
zz also do not depend

on p.
The derivatives of the normal stresses are:

∂pxx

∂x
=

∂

∂x
(p + p′xx) =

∂p

∂x
+

∂p′xx

∂x
,

∂pyy

∂y
=

∂

∂y
(p + p′yy) =

∂p

∂y
+

∂p′yy

∂y
,

∂pzz

∂z
=

∂

∂z
(p + p′zz) =

∂p

∂z
+

∂p′zz

∂z
.

(B.5)

When we assume that the coefficient of increment of the normal stresses to
shear rate is K, then we obtain:

p′xx = K
∂u

∂x
, p′yy = K

∂v

∂y
, p′zz = K

∂w

∂z
. (B.6)

Substitution of the Eq. (B.6) to Eq. (B.5) gives:

∂pxx

∂x
=

∂p

∂x
+ K

∂2u

∂x2
,

∂pyy

∂y
=

∂p

∂y
+ K

∂2v

∂y2
,

∂pzz

∂z
=

∂p

∂z
+ K

∂2w

∂z2
.

(B.7)

If the considered fluid is assumed to be incompressible the following equation
is valid:

p′xx + p′yy + p′zz = 0, (B.8)

which implies the following:

pxx + pyy + pzz = 3p or p =
pxx + pyy + pzz

3
. (B.9)

The material derivative on the left side of the equation can be expressed as:
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ρ
Du

Dt
= ρ

(
∂u

∂t
+ (uO) • u

)
, (B.10)

and written in the Cartesian coordinate system components of the material
derivative are:

ρ
du

dt
= ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y
+ w

∂u

∂z

)
,

ρ
dv

dt
= ρ

(
∂v

∂t
+ u

∂v

∂x
+ v

∂v

∂y
+ w

∂v

∂z

)
,

ρ
dw

dt
= ρ

(
∂w

∂t
+ u

∂w

∂x
+ v

∂w

∂y
+ w

∂w

∂z

)
.

(B.11)

Then the general form of the equations can be expressed in the following form:

ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y
+ w

∂u

∂z

)
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−K

∂2u

∂x2
+

∂τyx
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,

ρ
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∂v
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+ v

∂v
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+ w

∂v
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)
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+

∂τxy
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−K

∂2v

∂y2
+
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,

ρ

(
∂w

∂t
+ u

∂w
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+ v

∂w
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+ w

∂w

∂z

)
= ρgz − ∂p

∂z
+

∂τxz

∂x
+
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∂y
−K

∂2w

∂z2
.

(B.12)

And by reduction of the expressions connected with direction z one can obtain
the fluid flow equations for 2D analysis:

ρ

(
∂u

∂t
+ u

∂u

∂x
+ v

∂u

∂y

)
= ρgx − ∂p

∂x
−K

∂2u

∂x2
+

∂τyx

∂y
,

ρ

(
∂v

∂t
+ u

∂v
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+ v

∂v

∂y

)
= ρgy − ∂p

∂y
+
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−K
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∂y2
.

(B.13)
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